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Preface

This book contains 12 chapters with original and innovative research studies in the issues
related to the broadly defined creep effect, which concerns not only the area of construction
materials but also natural phenomena.

The technical progress observed for several years and a variety of interesting results of re‐
search, both with regard to the insight into the creep effect and methods for its analysis,
have been enhancing the increase in requirements for the strength of new materials and de‐
velopment of new research methods. In particular, it concerns the construction elements and
natural phenomena where creep effect that is generally understood as a process of deforma‐
tion at a specific temperature takes place. Thus, creep is particularly important in many
fields of science, such as power engineering, aviation, chemical industry, optical industry,
earth sciences, etc., and the issues presented in the study are of great practical, and often
utilitarian, significance.

The research carried out for the range of materials have revealed that creep has a significant
impact in the event of an increase in the temperature of widely understood materials sub‐
jected to analysis. In steel elements, creep intensifies even at approx. 400 °C, while for mate‐
rials with low melting temperature, the creep effect can already be observed at room
temperature. Therefore, it can be concluded that the need to consider the creep effect in cal‐
culations depends on the material, temperature, time, and existing load.

This book aims to provide the readers, including, but not limited to, students and doctoral
students and also the research personnel and engineers involved in the operation of equip‐
ment and structural components as well as specialists in high-temperature creep-resisting
materials, with a comprehensive review of new trends in the field of creep-exposed materi‐
als and their research methodology. The chapters of this book were developed by respected
and well-known researchers from different countries. We hope that after studying this book,
you will have objective knowledge about new aspects in topic concerning creep phenomena.

Editor: Prof. Tomasz Tański
Silesian University of Technology, Poland

Co-editor: Dr. Marek Sroka
Silesian University of Technology, Poland

Co-editor: DSc. Adam Zieliński
Institute for Ferrous Metallurgy, Poland
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1. Introduction

The following study presents issues related to the broadly defined creep effect, which con-
cerns not only the area of construction materials but also natural phenomena.

The advantage of the book is a very extended set of both theoretical and practical examples 
of creep testing for various categories of analysis of this process, carried out by scientists of 
renown in this field from a number of scientific and research centres all over the world. As 
presented in the book, the emphasis on the discussion of a new trend of experimental creep 
testing, which binds the classic creep methods to seek the correlation of parameters obtained 
in tests, deserves particular attention.

The technical progress observed for several years and a variety of interesting results of research, 
both with regard to the insight into the creep effect and methods for its analysis, have been 
enhancing the increase in requirements for the strength of new materials and development of 
new research methods. In particular, it concerns the construction elements and natural phe-
nomena where creep effect that is generally understood as a process of deformation at a spe-
cific temperature takes place. Thus, creep is particularly important in many fields of science, 
such as power engineering, aviation, chemical industry, optical industry, earth sciences, etc., 
and the issues presented in the study are of great practical, and often utilitarian, significance.

The basic concept of creep defines a process that takes place under constant load, which ensures 
that stresses are within the Hooke’s law range, and at elevated temperature. Therefore, the 
applied load causes stresses and strains whose values vary not only as a result of overload 
but also when loading remains unchanged, resulting in stresses lower than the yield strength.

The research carried out for the range of materials has revealed that creep has a significant 
impact in the event of an increase in the temperature of widely understood materials subjected 

© 2018 The Author(s). Licensee InTech. This chapter is distributed under the terms of the Creative Commons
Attribution License (http://creativecommons.org/licenses/by/3.0), which permits unrestricted use,
distribution, and reproduction in any medium, provided the original work is properly cited.



to analysis. In steel elements creep intensifies even at approx. 400°C, while for materials with low 
melting temperature, the creep effect can already be observed at room temperature. Therefore, it 
can be concluded that the need to consider the creep effect in calculations depends on the mate-
rial, temperature, time and existing load.

To sum-up the following study, it should be stated that the creep tests presented in indi-
vidual chapters make a significant contribution to solving the issue of developing destructive 
and non-destructive methods. This concerns not only the creep methods but also the tools 
to provide information on a failure mode at a specific point of creep progress. Undoubtedly, 
this brings us closer to development of a set of research methods to ensure that failures and 
catastrophes in different industries can be avoided.

2. Outline of this book

To outline details of each chapter of the book, the concise summary of each of them is 
given below.

Whittaker et al. presented a modern philosophy for creep lifing in engineering alloys. The 
traditional view of creep in materials science is based on the derivation of a power law rela-
tionship between stress and the creep rate in the so-called secondary phase. A transition in the 
value of the exponent of the relationship, n, is often assumed to be representative of a change 
from dislocation to diffusional creep processes as applied stress levels decrease. However, in 
operational environments for high-performance alloys such as power generation plant and 
gas turbine engines, there is little evidence of significant contribution to the overall creep 
rate from diffusional creep. Furthermore, power law-based approaches have been shown to 
be flawed in many engineering alloys due to high and unrealistic exponent and activation 
energy values along with the breakdown of the power law at high stresses. However, modern 
philosophy, known as the Wilshire equations, is built around the dominance of dislocation 
activity in creep strain accumulation and has shown significant potential.

Golański et al. presented a study on degradation of the microstructure and mechanical prop-
erties of high-chromium steels used in the power industry. High-chromium martensitic 
steels are one of the basic creep-resisting construction materials used for the modernisation 
of the old and construction of the new power units. During the service under creep condi-
tions, the metastable microstructure of martensitic steels undergoes gradual degradation. 
The rate of degradation mostly depends on the temperature of work, but it is also affected 
by the stresses. The changes in the microstructure of martensitic steels have an influence on 
the decrease in their mechanical properties, including creep resistance. The knowledge and 
description of the changes in the microstructure of steels working in creep conditions allow 
extending the time of safe operation of the elements of power systems. The paper presents 
and describes the main mechanisms of degradation of martensitic steels of the 9–12%Cr type 
on the basis of the independent studies and literature data.

Rękas et al. presented an article on the subject of high-temperature creep of metal oxides. This 
chapter presents a comprehensive review of the creep technique used for the study of defect 
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structure and diffusion in metal oxides, both single crystals and ceramics. At high tempera-
tures, the creep rate is proportional to the diffusion coefficient of the slowest species in solid 
compounds, whatever deformation mechanisms are present (Nabarro viscous creep, recovery 
creep or pure climb creep). The creep rate dependence on deviation from stoichiometry can be 
determined from this diffusion. In the case of metal oxides, the departure from stoichiometry 
is controlled by the oxygen activity which usually is identified with oxygen partial pressure 
(pO2). The pO2 dependence of the creep rate provides direct information about the nature 
of minority point defects. On the other hand, studies of the temperature dependency of the 
creep rate inform us about the activation energy of the diffusion coefficient.

Han-Yong et al. presented the review of long-term durable creep performance of geosynthet-
ics by constitutive equations of reduction factors. The exact nature of the time dependence of 
the mechanical properties of a polymer sample depends upon the type of stress or straining 
cycle employed. During creep loading, a constant stress is applied to the specimen at t=0, 
and the strain increases rapidly at first, slowing down over longer time periods. In an elastic 
solid, the strain stays constant with time. In this case, the strain is held constant, and the stress 
decays slowly with time. The increase in strain is not linear, and the curve becomes steeper 
with time and also as the stress rate is increased. If different constant strain rates are used, 
the variation of stress with time is not linear. The slope of the curve tends to decrease with 
time, but it is steeper for higher strain rates. The variation of both strain and stress with time 
is linear for constant stress and strain rate tests upon elastic materials.

Liu et al. presented a unified creep-fatigue equation with application to engineering design. 
The chapter reviews the existing creep-fatigue equations. It then describes the principles of 
the unified creep-fatigue equation. This equation is then applied to a variety of materials: 
SS316, SS304, Inconel 718, GP91 and AL2024-T3 at multiple temperatures and cyclic times. 
Next, we assess the economy of this theory by evaluating the life prediction error with over-
all experimental cost. This leads to the presentation of a simplified form for the unified for-
mulation, which has minimal testing requirements for material characterisation, hence good 
usefulness to design. Finally, a case study for a gas turbine disk is given, showing how the 
equation may be applied to material properties in finite element analysis (FEA).

Abdallah presented creep lifing models and predictions. The chapter will help research-
ers to employ such models on the various materials and alloys under varying conditions 
of stresses and temperatures under creep. This chapter presents novel methods that are 
able to model, simulate and reconstruct full creep curves based on short-term measure-
ments. The chapter also shows to explore the creep behaviour of materials that are being 
used in the gas turbine aero engine. This work will also help researchers to understand the 
theory behind the long-term creep behaviour and predictions. The models will provide a 
tool through which physically meaningful interpolation and extrapolation of the creep data 
can be obtained.

Lancaster et al. presented the creep method—small punch creep (SPC). A thorough charac-
terisation of the creep properties of any modern alloy designed for a structural application 
can be an expensive and timely process. As such, significant effort is now being placed in 
identifying suitable alternative characterisation techniques. The small punch creep (SPC) test 
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is now widely regarded as an effective tool for ranking and establishing the creep properties 
of a number of critical structural materials from numerous industrial sectors.

Over recent years, the SP creep test has become an attractive miniaturised mechanical test method 
ideally suited for situations where only a limited quantity of material is available for qualifica-
tion testing. Typically, the method requires only a modest amount of material and can provide 
key mechanical property information for highly localised regions of critical components. As 
such, SP creep testing offers a feasible option for determining the creep properties of novel alloy 
variants still at the experimental stage and the residual life of service-exposed material.

Xu et al. in the chapter, “Thermo-Mechanical Time-Dependent Deformation and Fracturing of 
Brittle Rocks,” proposed a thermo-mechanical numerical model to describe the time-depen-
dent brittle deformation of brittle rocks under different constant temperatures and confining 
pressures. The mesoscale model accounts for material heterogeneity through a stochastic local 
failure stress field and local material degradation using an exponential material softening law.

Importantly, the model introduces the concept of a mesoscopic renormalisation to cap-
ture the cooperative interaction between microcracks in the transition from distributed to 
localised damage.

Monfared showed the review on creep analysis and solved the problem. Creep in solids sub-
jected to high stress, and temperature is one of the important topics in the scientific societies: 
therefore, the creep analysis becomes more significant in various industries. So, the creep 
analysis is vital and important for applications connecting high temperature and high stress. 
Therefore, a thorough knowledge of creep characteristics and deformation mechanisms of 
reinforced and non-reinforced materials is required to utilise the materials in high-stress and 
high-temperature applications.

Harrison et al. presented an article on advanced methods for creep in engineering design. 
Novel creep deformation and damage methods are considered for creep-resistant alloys and 
compared to existing methods. Focusing on the three candidate models, the theta-projection 
technique, a true-stress model and a new method based on the Wilshire equations, the merits 
of alternative approaches to full creep curve representation have been considered. The evalu-
ation of parameters for these models has been investigated with respect to the micromechani-
cal phenomenon. These models have been implemented in the commercially available finite 
element analysis software, Abaqus, and in doing so, an evaluation of creep hardening models 
has been made. An alternative approach to creep hardening is presented which relates creep 
rate to material state variables instead of the traditional approach of time or strain harden-
ing. The ability of these models to represent transient creep has been assessed by comparing 
predictions to experimental test results at nonconstant creep conditions.

Sandström showed the fundamental models for the creep of metals. Analysis of creep proper-
ties has traditionally been made with empirical methods involving a number of adjustable 
parameters. This makes it quite difficult to make predictions outside the range of the original 
data. In recent years, the author has formulated basic models for prediction of creep proper-
ties, covering dislocation, particle and solid solution hardening. These models do not use 
adjustable parameters. In the present chapter, these models are further developed and utilised.
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The dislocation mobilities play an important role. The high-temperature climb mobility is 
extended to low temperatures by taking vacancies generated by plastic deformation into 
account. This new expression verifies the validity of the combined climb and glides mobility 
that has been used so far. By assuming that the glide rate is controlled by the climb of the jogs, 
a dislocation glide mobility is formulated.

The role of the mobilities is analysed, and various creep properties are derived. For example, 
secondary creep rates and strain versus time curves are computed and show good agreement 
with experimental data.
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A Modern Philosophy for Creep Lifing
in Engineering Alloys

Mark Whittaker, Veronica Gray and

William Harrison
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Abstract

Lifing of components which are likely to be subject to high temperature creep deforma-
tion is a critical area to a range of industries, particularly power generation and aero-
space. In particular, extrapolation of short term data to predict long-term allowable
creep stresses is an area of significant importance, since no appropriate method of
accelerating tests has been discovered. Traditional methods for extrapolation are mainly
based around power law type equations that have historically formed the basis of creep
mechanism understanding. The current chapter however, seeks to offer alternative
approaches in the field, particularly emphasising the need to link lifing approaches to
observable micro-mechanical behaviour.

Keywords: creep, Wilshire equations, dislocations, region splitting

1. Introduction

The following Chapter is dedicated to the late Brian ‘George’Wilshire, a large, unforgettable and missed
presence in the field of creep.

Creep is a time dependant process of deformation that affects materials operating under stress
and temperature. This elongation of material which can occur at in-service stresses and tempera-
tures means that design engineers needs to consider this dynamic process, otherwise risk cata-
strophic and possibly fatal failure. A specific case which requires consideration is the power
generation industry which requires long design lives that are often extended to over 30 years or
over 250,000 h [1]. This chapter discusses issues with reference to specific materials used in power
generation and extends the approaches to the aerospace nickel superalloy Waspaloy. It should be
noted the issues discussed here are relevant to all engineering materials that experience creep.
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Initially defined as a field of study in the late 1940s via publication of the first test standards [2–5],
creep and the methods used to predict it are a relatively new field of study. As such, forming the
backbone of almost all methods to predict creep are power-law derived relationships that use the
dependency of έm and tf on σ, with equations of the form:

M tf

.
¼ έm ¼ Aσn exp �Qc=RTð Þ (1)

Using this relationship the values of A, stress exponent n, and activation energy Qc vary with
test conditions. Examining this relationship it is comprised of three empirical components:

M ¼ έm tf (2)

έm α σn (3)

έm α exp �Qc=RTð Þ (4)

These components are Eq. 2, which is the Monkman-Grant relationship, stating that the
product of the minimum creep rate and time to failure equals a constant, M [6]. Eq. 3 is
Norton’s law which relates minimum creep rate to stress through the exponent n [7]. Lastly,
Eq. 4 is the Arrhenius relationship which is an empirical description of reaction rates, particu-
larly for diffusion in chemistry [8]. From these relationships we seeM, n, and Qc are defined as
constants over a stress and temperature range associated with a creep mechanism. Changes in
these values should reflect a change in creep mechanism and signal a new creep regime
ultimately affecting the prediction made using Eq. 1. Furthermore, within this equation there
is the ability to infer the creep mechanism. The activation energy, Qc, described by the Arrhe-
nius component provides a measure of energy within the system that can be linked with
activation energies for mechanisms such as diffusion [8]. The power-law also has traditionally
linked the value of n to mechanisms through some first principles derivation, but mostly is
reliant on empirical evidence [7].

1.1. Power-law creep mechanisms

The power-law equations were derived to describe creep deformation behaviour based upon
secondary, or steady-state creep being present in the creep curve. However, detailed inspection
of normal creep strain/time curves show that a minimum creep rate, έm, not a steady-state value
is usually reached where the decaying primary rate is offset by the tertiary acceleration as seen in
Figure 1. Rather than seeking to identify ‘steady-state’mechanisms, emphasis should therefore be
directed to the deformation processes governing strain accumulation and the various damage
mechanisms causing the creep rate to accelerate, leading to eventual fracture [9].

Power-law approaches are based on having n and Qc characterise the creep mechanism which
raises issues when applied to high performance materials such as those used in gas turbines
and power generation. To begin with, it is necessary to consider the power-law in Eq. 1, where
n and Qc are derived from different empirical relationships to represent the same physical
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process i.e. a creep mechanism. Activation energy or Qc is a numerical value obtained from the
application of the Arrhenius equation where the gradient of έm vs. 1/T for a given stress should
yield a constant for the same creep mechanism. The value of Qc is then also comparable to
physically derived known quantities such as the activation energies of specific diffusion pro-
cesses. The changing value of Qc with regards to Eq. 1 should produce ‘regions’where expected
creep life behaviour changes with creep mechanism.

Considering the stress exponent, n, its definition and application is even less physically reli-
able. The stress exponent n can be derived from first principles for very limited and specific
cases such as those for ice derived in the 1950s [14–18]. From specific derivation a value of n = 1
is associated with diffusion whilst n = 4–7 is considered to indicate dislocation creep mecha-
nisms [19]. The actual meaning of n is material dependant and often requires significant
microstructural investigation and understanding. Beyond this, if n is an indicator of creep
mechanism then it should act similarly to Qc. In other words, n should remain constant for
the stress-temperature range where a specific creep mechanism is dominant then transition to
a different appropriate constant value when the mechanism changes. Indeed, n is only seen to
remain constant over limited stress-temperature ranges then become non-constant, known as
Power-Law Breakdown [19].

Figure 1. Examples of minimum creep rate, rather than secondary or steady-state creep for (a) aluminium alloy [10], (b)
TiAl alloy [11], (c) MG-Al alloy [12], and (d) grade 91 steel [13].
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Values derived from Eq.1 should allow inference of the underlying creep mechanism. It is
useful to compare studies of similar material datasets in order to consider the effectiveness of
the technique and the consistency of its application:

• For Grade 122 steel, using the data provided by NIMS [20] several analyses have been
conducted [21]. One analysis saw a decrease of n ≈ 16 to n ≈ 5 when the temperature of the
tests increased from 823 to 1023�K with Qc varying from 680 to 500 kJ/mol [22]. Another
analysis [20, 23] for the same steel saw a high stress regime with n ≈ 60 andQc = 1045 kJ/mol,
and a low stress regime at n ≈ 5 and Qc = 640 kJ/mol.

• For Grade 91 steel, the stress exponent ranges from n > 16 to n ≈ 4 withQc = 400–780 kJ/mol
[24].

• Seen also in Grade 92, n ≈ 18 drops to n ≈ 3 and Qc = 540–760 kJ/mol over the test range
[25].

• In Grade 23 n ≈ 13 at high stress and drops to n ≈ 6 at low stresses whilstQc = 300–535 kJ/mol
[26]

When considering these results, the combination of n and Qc values do not produce consis-
tency and indeed show themselves to highly dependent on their application, with the value of
Qc particularly showing a significant stress dependency. It is also extremely difficult to align
the values gained out of the analyses of these typical engineering materials with the values
proposed by traditional theory.

1.2. Power-law constants

One of the backbones of creating reliable modelling is reproducibility. In terms of n and Qc it
has already been shown that for the case of Grade 122, interpretation by those conducting the
analysis can produce widely differing results. Considering the power-law based equations
used to predict creep properties the use of a Time–Temperature Parameter (TTP) is often
employed. The TTP is derived from log(tf) vs. 1/T (or T in some cases) where the gradient,
and/or intercept are used to define the relationship.

For the Larson-Miller approach [27], a graph of log(tf) vs. 1/T is made where the gradient is the
Larson-Miller Parameter, PLM, and the intercept at 1/T~0 is the Larson-Miller Constant, CLM.
These TTPs are then related to stress via:

PLM ¼ f σð Þ ¼ T CLM þ log tf
� �� �

(5)

This means to use this equation, values for PLM are mapped against stress and a function
chosen. A similar process is conducted for a variety of methods including Orr et al. [28],
Manson and Succop [29], Manson and Haferd [30], and Goldhoff-Sherby [31] which each offer
differences in curve shape. Additionally, these methods offer different approaches to activation
energy:
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• Larson-Miller: PLM is equivalent to Qc determined by mapping log(tf) vs. 1/T at constant
stress. From Eq. 5, PLM and therefore Qc is expected to vary with stress in a continuous
manner rather than step change with creep mechanism.

• Goldhoff-Sherby: PGS is also equivalent to Qc but requires the linear fit of log(tf) vs. 1/T at
constant stress to converge ensuring that Qc cannot be constant.

• Orr-Sherby-Dorn: COSD is equivalent Qc but is constrained to be constant.

A description of these methods, their implementation and efficacy can be found in [32, 33].

In considering these power-law derived methods that implement a TTP, there are issues
ensuring reproducibility and physical accuracy. During the implementation of the aforemen-
tioned creep models, a parameter is mapped in terms of stress e.g. PLM vs. σ. Consequently a
function is chosen to describe this relationship. The definition of this function is not in a fixed
form and therefore each implementation of the power-law based relationships is subject to
‘user’ preference/choice. This is especially problematic when extrapolating as the functions
chosen to represent stress dependency can produce unphysical results and therefore be
extremely subjective and unreliable when extrapolating beyond the sampled test data.

1.3. Power-law summary

Power law based equations form the basis of almost all creep modelling approaches used
today. Its underlying principles are a unification of the Monkman-Grant, Norton, and Arrhe-
nius relationships into an empirical equation. As creep has advanced as a field and included
more extreme conditions and high performance materials, the power-law has struggled to
keep up with the array of mechanisms. From the power-law’s application to steel, its inability
to deal with these mechanisms through the combination of the activation and stress exponent
terms, Qc and n, is clear. Furthermore the application of power-law based models often
requires users to choose the TTP-stress relationship introducing ‘bespoke’ modelling unique
to the persons/group that have performed it. In identifying the weaknesses of the power-law,
this chapter looks at the work of Wilshire and colleagues in their attempt to address some of
these issues.

2. The Wilshire approach

The last 70 years of creep has been reliant on using power-law based analysis and stems
from the widely held assumption that dislocation creep mechanisms are dominant at high
stresses, with transition to diffusion based creep mechanisms at low temperatures. For
pure aluminium, pure copper and the precipitate hardened Al7010, Wilshire and Whittaker
[9], examined the creep curve beyond the ‘steady-state’ to identify the dominant creep
mechanisms.
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For the precipitate hardened alloy Al7010, the role of diffusional creep in low stress regimes
assumed by the power-law was challenged. For this material, precipitate-free zones sometimes
found in the vicinity of grain boundaries in the low stress regime increased in width with
increasing test duration, offering preferred locations for dislocation movement. This suggests
the low stress behaviour of Al7010, and indeed other precipitate hardened materials, is not
solely diffusional creep as assumed previously, thus leading to the work by Wilshire to
develop a new approach to creep lifing. These mechanisms should be therefore supported
and reflected in the value of the activation energy which can be derived either from the time to
failure, tf, or the minimum creep rate, έm with respect to 1/T.

Considering the power-law approach to creep modelling a number of issues have been
highlighted which need to be addressed. Seeing the issues facing the field of creep and its
inability to unite results with microstructural processes, Wilshire1 and colleagues proposed an
alternative to the power-law.

2.1. An alternative to power-law based equations

Utilising the power-law and its Arrhenius basis, the activation energy is calculated at constant
stress. For a creep mechanism to occur it requires a certain amount of energy known as
activation energy. For a creep test, kinetic energy is created by applying a stress and thermal
energy by applying temperature. This energy is used by the system to activate creep mecha-
nisms. From the Arrhenius or power-law approach it assumes that the dominant energy
process or mechanism is determined by the absolute kinetic energy and therefore measures
activation energy at constant stress.

Unlike a chemical or gaseous system, a solid has limitations where the maximum thermal
energy is 0-Tm

�K and the maximum kinetic energy of the system is 0-σUTS MPa.2 Using this
idea, the temperature dependant UTS provides the upper limit of a solid system in terms of
both kinetic and thermal energy. To implement this idea the stress is normalised such that:

M tf

.
¼ έm ¼ A∗ σ

σUTS

� �n

exp �Qc
∗
=RTð Þ (6)

It should be noted in Eq. 6 that A 6¼ A*, and Qc 6¼ Qc*. In chemistry terms, both Qc and Qc* are
apparent activation energies rather than true activation energies. By definition true activation
energy is a chemical or thermal reaction rate derived from first principles for a mechanism [34].
Apparent activation energy is the reaction rate that is dependent on a time to failure or a
cumulative reaction process such as έm. The minimum creep rate, έm, is often used instead of tf
due to it being less sensitive to failure mechanisms and anomalies, but it is still is a time
dependant cumulative value and as such produces an apparent activation energy.

1
Wilshire is used as an abbreviation for Wilshire and colleagues. We recognise research is collaborative, but for simplicity
we use Wilshire to represent all those involved in developing this work. Collaborators can be found in the references at
the end of the chapter.
2
When referred to in this work, the Ultimate Tensile Stress, UTS or σUTS is always temperature dependant.
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The existing literature often uses minimum creep rate, έm, and secondary creep rate, έs,
interchangeably, however as previously shown in Figure 1 a secondary phase does not exist
for many materials under a range of conditions and is not reliably observed in test data [35].
Therefore rather than seeking to identify ‘steady-state’ creep mechanisms, the focus of the
Wilshire approach is directed at the deformation processes that define strain accumulation,
and the damage mechanisms that accumulate and lead to eventual failure [9]. This allows a
minimum creep rate to be defined as a decaying primary rate is offset by tertiary acceleration.

From Eq. 6, the normalisation of the stress means that the normalised activation energy, Qc*, is
evaluated at on a relative scale. This reflects the physical limitation of the system such that the
material at its UTS will undergo failure no matter the specific amount of stress or temperature
applied. The approach promotes the idea that a solid system has a maximum energy state, and
that systems in the same relative energy should be experiencing the same mechanism. To
evaluate Qc*, the gradient of log(tf) vs. 1/T is evaluated at constant normalised stress i.e.
constant σ/σUTS, or, using regression analysis fitting Qc* from ln(�ln(σ/σUTS)) vs. ln(tf exp.
(�Qc*/RT)). It should be noted that some initial investigations using this method normalised
the test stress by the temperature dependant yield stress rather than the UTS. This norma-
lisation focused on the elastic limit of the material as it is a defined point of mechanism change.
If σY/σUTS remains fairly constant with temperature then activation energy values will be
equivalent to conducting normalisation by the UTS.

The goal of creep modelling is to create a relationship where the apparent activation energy is
equivalent to the true activation energy of the dominant creep mechanism. From the previous
section it can be seen that for the power-law approach, the apparent activation energy ranging
up to 1045 kJ/mol does not correlate with the true activation energy of any known creep
mechanism. Using a normalised stress approach to calculate Qc*, Wilshire found for Grade
91, 92 and 122 that for all these steels Qc* ≈ 300 kJ/mol, equivalent to lattice diffusion for the
material [35].

2.2. The Wilshire equations

Although normalising creep test stress has shown to provide more reasonable Qc* values, as
well as a more consistent relationship between stress and time to failure, it still contains the
problematic stress exponent, n. Indeed, Eq. 6 still suffers from the vulnerabilities outlined in
§1.1 and 1.2. To deal with n and power-law relationships, Wilshire developed a series of
equations:

σ σUTS= ¼ exp �ku tf ∙ exp �Q∗
c=RTð� ��u� �

(7)

σ σUTS= ¼ exp �kv έm∙ exp �Q∗
c=RTð½ Þ�vf g (8)

σ σUTS= ¼ exp �kw tε∙ exp �Q∗
c=RTð½ Þ�wf g (9)

These equations use the apparent activation energy Qc*, evaluated at constant σ/σUTS. The
constants ku, u, kv, and v are evaluated at ln(�ln(σ/σUTS)) vs. ln(tf.exp.(�Qc*/RT)), and ln(�ln(σ/
σUTS)) vs. ln(έm.exp.(�Qc*/RT)) respectively. Unlike the power-law, constants in Eqs. 7 and 8
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are indeed constant over each creep region and therefore do not require the user to choose
relationships between variables. In contrast, Eq. 9 is designed to predict tims to specific strains
and can potentially be utilised to model the whole creep curve where kw and w are functions of
strains. This however is not discussed further here as full creep curve modelling is discussed in
a separate chapter.

Another important aspect of the Wilshire Equations is incorporation of basic physical limits.
As έm ! 0, then tf ! ∞ when σ/σUTS ! 0. Also, as έm ! ∞, then tf ! 0 when σ/σUTS ! 1. This
minimum physical limitation is inherent in the Wilshire equations but not so in the power-law
meaning it is possible for the power-law to produce unphysical results.

3. Application of the Wilshire equations

3.1. Yield behaviour of polycrystalline copper

To demonstrate the application of the Wilshire Equations with respect to the power-law, the
example of polycrystalline pure copper is first considered [9, 36].

Samples were machined from cold-drawn 10 mm rods of oxygen-free high-conductivity cop-
per i.e. 99.95% wt. Cu. Test pieces had a gauge length of 25 mm and diameter of 4 mm. In order
to obtain a grain size of ~40 μm, the test pieces were annealed under a vacuum of 10�4 Pa for

Figure 2. Power-law analysis of polycrystalline copper with n = 1, 4.5 [36].
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3600s at 973�K. To ensure no inhomogeneous grain growth, tests were conducted at 686, 723
and 823�K, markedly below the annealing temperature. Upon investigation, no dynamic
recrystallization or grain growth was observed under the test stress-temperature combinations
used. Tests were conducted on 10:1 constant stress Andrade-Chalmers cam creep machines
complying with BS EN 10291:2000.

Conducting power law analysis using the minimum creep rate, έm, two distinct creep regimes
can be observed in Figure 2with n = 1 and n = 4.5 and Qc = 110 kJ/mol. From a classical power-
law interpretation, the change in n is consistent with a change from diffusion to dislocation
based creep at ≤0.61Tm and aligns with understood microstructural evolution [37–39]. Imme-
diately from this analysis it was noted that the value of the constant M from Eq. 2 with longer
tests and higher temperatures reduces from ~0.07 to ~0.02.

If the normalised power-law in Eq. 6 is applied using an activation energy of 110 kJ/mol, then
the relationship between normalised stress, σ/σY, and tf.exp(Qc/RT) is approximately linear as
seen in Figure 3.

Classically the yield strength denotes the transition from elastic to plastic behaviour and as
such a change in material behaviour either side would be expected. From power-law analysis
there is no indication that creep behaviour changes in the higher stress regime. Looking at the
test data in Figure 4, the shape of the creep curve changes as test conditions go from above to
below yield, σY. With higher temperatures and lower stresses, less primary creep was seen,
whilst more tertiary creep is observed, also noting the lack of steady-state creep. Also, with

Figure 3. Normalised power-law analysis of polycrystalline copper showing linear trend between normalised stress and
time to failure with Qc = 110 kJ/mol [36].
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increasing test stress the point at which the minimum creep rate reached occurs later in the
test. This supports the Wilshire approach of considering creep in terms of primary and tertiary
creep rather than steady-state as polycrystalline creep curves transition from primary-dominated
to tertiary-dominated curves with increasing temperature and test duration. Furthermore, it
suggests in conjunction with other evidence [36], that power-law changes in n are not related to
creep mechanism transitions, but rather the complex relationship between changes in έm with
changing test conditions.

Knowing there is a change in the shape of creep curves as test conditions pass over the yield
stress, the equations used to model the data should reflect this transition. From the power-
law and normalised power-law we see no indication of a different creep regime around the
yield stress. However, by use of the Wilshire approach, the normalised activation energy

Figure 4. Changing creep curve shape of polycrystalline copper (a) strain vs. normalised time, and (b) creep rate vs.
normalised time [36].
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was found to be Qc* ≈ 110 kJ/mol which coincides with the associated value for grain
boundary diffusion. This mechanism is confirmed by microstructural observations made
in Ref. [36]. Implementing Eq. 8, the Wilshire approach shows two linear regions in Figure 5
when determining kv and v. Notably results from above yield tests lie in one regime and
below yield in another.

In identifying two regimes, the Wilshire Equations are implemented in two regimes, above and
below the yield stress. The results are observed in Figure 6 where the Wilshire approach in
comparison to the power-law produces a predictive method that reflects changes in creep
mechanism at the yield stress. The power-law on the other hand suffers from changing n and
inevitably power-law breakdown without capturing the change in behaviour that occurs at
yield.

Figure 5. Application of the Wilshire equations to polycrystalline copper demonstrating two regions, above and below
yield [36].
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3.2. Long-term prediction of 9–12% steels

Creep is a significant factor in modern engineering, especially for the power generation indus-
try. Having a design life of over 25 years, power generation relies on extrapolating creep test

Figure 6. The stress dependence of the creep life at 873 K (600�C) for Gr. 22, 23, and 24 steels [47].

Figure 7. Adopting Eq. 7, ku, u and Qc* values are determined by plotting of ln[tf.exp.(�Qc*/RT)] vs. ln[�ln(σ/σUTS)], for
Gr.22 tube [47].
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data rather than performing costly long-term tests. The need to be able to predict long-term
creep behaviour from short term tests is therefore crucial for any creep modelling method to be
successful [40].

To design for such a long working life under often non-steady stress and temperature, the
benchmark used is nominally the ‘allowable tensile creep strengths’ [41]. These strengths are
0.67 or 0.8 of the minimum stress causing rupture in 100,000 h or, the stress that results in a
creep rate of 0.01% per 1000 h i.e. ~3 � 10�11 s�1. To conduct tests to 100,000 h or ~11 years is
unfeasible and therefore short term test data is extrapolated to these values. One group of
materials particularly used in this industry is 9–12% Cr steels or Grade 91, 92 and 122. Having
undergone these long-term tests, this dataset provided by NIMS [42–44] allows the long-term
extrapolation capability of a creep model to be evaluated.

Using the normalised power-law approach of Eq. 6, predicting long-term behaviour of 9–12% Cr
steels is problematic. Overall for Grade 91, 92 and 122 the constantM, increases with longer tests.
Specifically for Grade 122,Qc goes from ~500 to 680 kJ/mol with decreasing stress and increasing
temperature. Over the same range n falls from ~16 to ~5. These ranges of values are common for
high stress tests on alloys strengthened by fine precipitates or insoluble particles [45]. Due to this
inconsistency, predicting long-term creep behaviour using the normalised power-law method
was abandoned for a parametric power-law approach such as those detailed in §1.2. Due to the
problems with these methods discussed in §1.2, these methods are unable to extrapolate long-
term data with sufficient accuracy to 100,000 h from 30,000 h tests [46].

It is therefore appropriate to apply the Wilshire Equations to evaluate its ability to predict
long-term creep behaviour from short term creep tests. Normalising by σUTS the activation
energy for Grade 91, 92 and 122 was found to be 300 kJ/mol for these martensitic steels. This
activation energy is close to that of lattice diffusion in the alloy steel [13]. To test the long-
term extrapolation capability of the Wilshire Equations, data from <5000 h and <30,000 h
was used. Using Qc* = 300 kJ/mol, it was observed that for Grade 92 and 122 there were 2
regions similar to polycrystalline copper, i.e. two linear regimes with different values of ku
and u. Only one region was observed for Grade 91. This can be corroborated with micro-
structural behaviour. When examining the Reduction of Area (RoA) with regards to έm, it
was noticed that Grade 92 and 122 displays behaviour consistent with longer duration
and higher temperature tests having increasing boundary cavities and thus experiencing a

Temperature Grade 91 Grade 92 Grade 122

823�K (550�C) 154 (149) 182 (178) 196 (199)

848�K (575�C) 117 (112) 140 (137) 151 (155)

873�K (600�C) 87 (82) 104 (103) 113 (116)

898�K (625�C) 62 (59) 76 (75) 81 (84)

923�K (650�C) 43 (39) 53 (53) 53 (58)

Table 1. Creep rupture strengths (100,000 h) predictions for Grade 91, 92 and 122 from tf < 30,000 h, and tf < 5000h (in
brackets), MPa [47].
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transition from ductile transgranular to brittle intergranular failure. This was not observed
for Grade 91.

The values of ku and u showed a small variation between the values from tests <30,000 h and
those <5000 h. In applying this 2 region approach, it yields creep rupture strengths listed in
Table 1 where it can be seen the extrapolation of creep data from <5000 h tests using the
Wilshire approach is almost equivalent to the extrapolations from data <30,000 h.

From Table 2, in comparison to other employed extrapolation methods by NIMS, ECCC etc.
that use datasets up to <70,000 h, the Wilshire Equations show a remarkable improvement in
extrapolation capability. Furthermore, the Wilshire Equations, unlike the other employed
methods, reflects the observed change in material ductility thus demonstrating its capability
to reflect microstructural and mechanism changes.

Through wider application, the method of implementing the Wilshire equations has evolved
especially as demonstrated when applied to the 2.25Cr series of alloys, Grade 22, 23 and 24
[47]. These steels provide a test to the Wilshire equations as Grade 22 (2.25Cr-1Mo) steel has
long been utilised and has a wealth of results thanks to NIMS providing both short and long-
term data. Furthermore, the development of Grade 23 (2.25Cr-1.6 W) and particularly Grade
24 (2.25Cr-1Mo-0.3 V) steel offers the potential to implement an improved material, if confi-
dence can be provided in predictive methods such as the Wilshire equations.

Initial application of the Wilshire Equations proved difficult, since rather than the two distinct
regions seen in previous alloys described above, a third region was observed for longer
duration/high temperature tests [47]. Evaluation of test pieces revealed that this behavioural
change was most likely due to the degradation of the bainitic microstructure in the material,
with the high temperature and long exposure leading to an overaged ferritic microstructure
with coarse molybdenum carbide particles also present. In order to provide optimised fits to
each of the three materials, the value of the activation energy was allowed to vary in each of

Analysis method 823�K (550�C) 873�K (600�C) 923�K (650�C)

ECCC 166 94 49

Wilshire tf<30,000 h 154 87 43

Wilshire tf<5000 h 149 82 39

Tenaris 153 86 46

ECCC-MRM 152 86 44

ECCC-MC 149 84 44

ECCC-LM 157 94 51

ECCC-LM (ed) 150 98 42

Details can be found in [47].

Table 2. Creep rupture strength predictions for a number of methods for comparison.
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the three regions seen in Figure 6. With surprising consistency the Qc* value was found to
be approximately 280 kJ/mol for tests conducted above the initial yield stress of the material,
230 kJ/mol for the intermediate region, and, 280 kJ/mol for low stress/higher temperature
tests [47].

The three regions of seemingly complex behaviour can be rationalised in a manner consistent
with the observed microstructural behaviour, as well as elongation and reduction in area
measurements. Above the yield stress, creep takes place through the generation and move-
ment of new dislocations, formed at appropriate sources, due to the fact that the yield stress of
the material is exceeded. When the applied stress falls below the yield stress, the creep lives
become longer than that expected from direct extrapolation of results when σ > σY. This is
because grain deformation is restricted, thus creep occurs only by grain boundary zone defor-
mation when σ < σY. A second break occurs in Figure 6 which is a consequence of the bainite
regions in the initial ferrite/bainite microstructure degrading to ferrite and molybdenum car-
bide particles in long-term tests with very coarse carbides along the grain boundaries. As a
result, the creep rates are faster, and the creep lives are significantly shorter than expected by
extrapolation of the intermediate stress data when the bainitic microstructures are present [48].

Subsequent application of this varying activation energy was found to improve fits in a range
of other materials [49, 50], whilst remaining consistent with the observed micromechanical
behaviour.

3.3. Mechanisms of Waspaloy

In an initial investigation of Al7010, Wilshire observed that power-law equations struggle to
deal with precipitation strengthened materials [9] due to their inherit assumption of diffu-
sional creep. As such a study was carried out on the nickel superalloy Waspaloy. Details of the
material and creep experiments performed can be found in Whittaker et al. [50]. Constant
stress creep tests were performed from 550 to 800�C and 140–1150 MPa. From power-law
analysis the activation energy at high stresses is ~350 kJ/mol but increases to 700 kJ/mol at
low stress with the threshold between high and low stress occurring at ~600 MPa.

Applying the Wilshire Equations, two values of activation energy were observed. For high
stress tests, Qc* = 400 kJ/mol with kv = 434 and v = �0.24. For low stress tests Qc* = 340 kJ/mol
with kv = 72 and v = �0.14, noting the threshold between the regimes determined from fitting
approximately coincides with the yield stress. As with the previous examples, when the creep
curve is examined above and below this threshold (yield), the shape of the creep curve goes
from primary-dominated to tertiary-dominated (see Figure 8).

Rather than relying solely upon creep curve shape, further investigation was conducted in
order to verify the creep mechanisms. To do so, a series of creep tests was undertaken at
graded levels of stress both above and below the yield stress at a temperature of 700�C. From
the starting material, transmission electron microscopy (TEM) in Figure 9 shows a bimodal
distribution of γ0 precipitates, with the secondary precipitates approximately 200 nm in
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diameter and the tertiary of the order of 50 nm diameter. In the γ matrix, dislocations are
present in moderate numbers in loose networks that avoid passing through the secondary
precipitates. On the grain boundaries some carbides were visible and additionally there was
evidence of strain recovery in a series of sub-grains with low angle boundaries.

In order to separate the mechanisms of plasticity from creep, tensile tests to ~0.2% proof stress
(740 MPa) at 700�C were examined by TEM, Figure 10. It was found that the dislocation

Figure 9. TEM of Waspaloy microstructure in original, un-tested state [50].

Figure 8. Changing creep curve shape of Waspaloy plotted on a normalised scale [50].

Creep22



diameter and the tertiary of the order of 50 nm diameter. In the γ matrix, dislocations are
present in moderate numbers in loose networks that avoid passing through the secondary
precipitates. On the grain boundaries some carbides were visible and additionally there was
evidence of strain recovery in a series of sub-grains with low angle boundaries.

In order to separate the mechanisms of plasticity from creep, tensile tests to ~0.2% proof stress
(740 MPa) at 700�C were examined by TEM, Figure 10. It was found that the dislocation

Figure 9. TEM of Waspaloy microstructure in original, un-tested state [50].

Figure 8. Changing creep curve shape of Waspaloy plotted on a normalised scale [50].

Creep22

density had increased with most single dislocations cutting through the tertiary γ’, and other
dislocations looping around the secondary precipitates. The low angle sub-grains in the tensile
sample were the same as those observed in the virgin material.

To investigate creep mechanisms, creep tests were performed at 500, 600, 700 and 800 MPa at
700�C and interrupted once the minimum creep rate was reached. The test pieces were air
cooled under reduced load and then prepared for TEM. In Figure 11a, at 500 MPa there is a
low dislocation density where the dislocations Orowan loop around the secondary γ’, but also
the tertiary γ’ which was observed to have the occasional stacking fault. The sub-grains at the
boundaries also exhibited this dislocation behaviour.

For specimens crept at 600 MPa and 700 MPa there is a change in behaviour to that seen at
500 MPa. In Figure 10b for 600 MPa, noting a reduction in Orowan looping, the dislocation
density has increased and stacking faults in the secondary and tertiary γ’ are evident as
precipitates are cut by superlattice partial dislocations. From these stacking faults, slip is
occurring on more than one slip plane. Although the dislocation spacing between precipitates
is increased compared to 500 MPa, it is still below the tertiary precipitate spacing thus indicat-
ing the main impediment to slip is the tertiary precipitates. Looking at the grain boundaries,
low angle sub-grain are still present but now have a sub-structure which is a combination of
dislocation recovery and strain hardening processes.

At above yield conditions of 800 MPa the dislocation density of the material is extremely high
to the point where individual dislocations are difficult to identify. This is seen in Figure 11c,
where the dislocations are extremely dense but mostly confined to the γ and the tertiary γ0

with occasional stacking faults in the secondary γ0. The larger precipitates even in above yield
conditions, continue to resist cutting by lattice dislocations.

From this investigation it can be seen that there is a change in dislocation behaviour above and
below yield. Below the yield stress, dislocation densities are relatively low and increase

Figure 10. TEM of Waspaloy microstructure after tensile testing [50].
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slightly with stress with the sub-grains at the boundaries fairly unaffected. Above the yield
point, dislocation density increases to the point where the dislocation spacing is closer than
that of the precipitates and the sub-grain structure around the grain boundaries is obliterated
by the increase in dislocations throughout. This is interpreted as below yield creep being
controlled by dislocation climb around tertiary γ’ precipitates. Above yield creep is controlled
by the climb and recovery of dislocation tangles. When considered in light of the Wilshire
Equations, the change in activation energy at approximately yield from 340 to 400 kJ/mol
reflects this change in mechanism.

4. Region splitting

Having a method of analysing creep data that reflects actual microstructural or mechanism
change is crucial to advance the field of creep. Region splitting has long been considered but
only recently become wider spread in creep modelling [51]:

‘According to the concept of the deformation and fracture mechanisms map we should accept
the assumption that creep rupture data attained within the domain where creep or creep
fracture is governed by one dominant mechanism cannot be used for prediction to another
domain, where creep and fracture are controlled by different dominant mechanisms. As soon as

Figure 11. TEM of Waspaloy microstructure after creep at 700�C at (a) 500 MPa, (b) 600 MPa, and (c) 800 MPa [50].
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the condition is changed and the boundary is crossed into another domain, the prediction
becomes unreliable’ [52].

Therefore region splitting is the segmenting of creep data according to dominant creep
mechanism.

For power-law models of creep, region splitting has two major implementations. The first
method of implementing region splitting is to fit a model and use linear regression to define
regions. For 316 steel shown in Figure 12, it can be seen that this approach implemented by
Maruyama et al. [53] results in multiple regions not associated with specific microstructural
mechanism changes. The alternate power-law approach used by Kimura et al. [54] is to region
split at ~0.5σ0.2%PS which for most steels coincides with the elastic limit of the material. Kimura
et al. use the same activation energy across both regions and using the stress exponent, n, to
reflect the mechanism change. Both these power-law approaches to region splitting are prob-
lematic. The first essentially reduces the dataset to obtain the best model fit regardless of creep
mechanism and would prove difficult to independently reproduce. The second method uses a
known material property limit to split data but does not have the flexibility to apply to
different materials such as superalloys, and furthermore to multiple regions as seen in Grade
22, 23, and 24 [47].

When used in conjunction with the Wilshire equations region splitting becomes significantly
more consistent and reproducible. Throughout the examples in this chapter, region splitting
for the Wilshire equations has been implemented through the change constants ku, u, kv and v,
as well as, the change in activation energies Qc*. In each case, these changes in constants have

Figure 12. Region splitting by Maruyama et al. for 316 stainless steel [53] (left), and, Wilshire et al. for 316H stainless steel
[49] (right).
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coincided with changes in creep mechanism, with microstructural evidence provided. Further-
more, these regions have not been determined subjectively but rather as a result of the imple-
mentation of the Wilshire equations.

Furthering research into modelling creep over wider ranges of stress and temperature, region
splitting is becoming more important in characterising the behaviour seen. Power-law appro-
aches region split either by regression or through selecting a material property limit associated
with a change in creep mechanism. This is problematic as it is not linked to the underlying
mechanisms, or, is predefined and unable to model multiple regions. The Wilshire equations
throughout this chapter have implemented region splitting producing better long-term pre-
dictions and regions that reflect changes in actual creep mechanisms.

5. Conclusion

The power-law governing creep behaviour is an empirical relationship that inherently assumes
a transition from diffusion to dislocation driven creep. This relationship uses a combination of
stress exponent, n, and activation energy, Qc, to determine the underlying creep mechanism
which often do not agree, and do not describe the actual dominant creep mechanism. As an
alternate approach the Wilshire Equations were developed.

In a fair comparison to the power-law for polycrystalline copper, the Wilshire Equations
reflected the change in creep curve shape seen at the yield stress. The power-law did not
indicate any change in creep behaviour then proceeded to ‘power-law breakdown’.

In developing a creep modelling technique, confidence in extrapolation is critical. For 9–12%
Cr Steels Grade 91, 92 and 122, it was shown that data from tests <5000 h in duration was
able to predict 100,000 h creep strengths. Furthermore, the Wilshire equations again reflected
a change in creep behaviour with Grade 92 and 122 having 2 regions with Grade 91 only
having 1. This mirrored changes in the Reduction of Area and ductility of the tests with
Grade 91 behaving differently to Grades 92 and 122. Further development of the equations in
the 2.25Cr series of alloys revealed the requirement of a non-constant activation energy,
which it is argued more closely represents the observed micromechanical behaviour
observed in a range of materials.

Support for this argument was achieved through the application of the Wilshire approach to
Waspaloy where a change in creep mechanism around the yield stress was clearly observed.
Through TEM observations, below yield dislocation interactions with γ’ particles were identi-
fied as the primary hardening mechanism, whereas above yield forest hardening was identi-
fied leading to the distance between dislocations becoming the critical factor.

The evidence therefore supports the Wilshire Equations satisfying 3 critical criteria, firstly to
reflect changing creep behaviour, secondly to be able to extrapolate to long lives, and, finally to
reflect the underlying physical process of the creep mechanism. In achieving this it is recognised
that the Wilshire Equations provide a significant step forward in creating accurate methods of
analysis and long-term prediction based on the underlying physics and creep mechanisms.
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Abstract

High-chromium martensitic steels are one of the basic creep-resisting construction mate-
rials used for the modernization of old and the construction of new power units. During 
the service under creep conditions, the metastable microstructure of martensitic steels 
undergoes gradual degradation. The rate of degradation mostly depends on the operat-
ing temperature, but it is also affected by stresses. The changes in the microstructure 
of martensitic steels have an influence on the decrease in their mechanical properties, 
including creep resistance. The knowledge and description of the changes in the micro-
structure of steels working under creep conditions allow extending the time of safe 
operation of the elements of power systems. The paper presents and describes the main 
mechanisms of degradation of 9–12%Cr martensitic steels on the basis of the independent 
studies and literature data.

Keywords: creep-resistant steel, 9–12%Cr steel, microstructure degradation, 
precipitates, mechanical properties

1. Introduction

The need to reduce emissions of pollutants (mainly CO2) to the atmosphere enforced by increas-
ingly stringent EU directives has contributed to the development of conventional energy. 
Restrictions on emissions to the atmosphere caused by the combustion of fossil fuels have 
forced the power industry to increase the thermal efficiency of power units (from 33–35 to 40%, 
and ultimately up to 50%). On the other hand, the need to increase the thermal efficiency of 
power units involves a significant increase in steam parameters (pressure, temperature). This 
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requires the construction of new and the modernization of existing power units to allow them 
to operate at the so-called supercritical or ultra-supercritical steam parameters. The increase in 
steam parameters in new and existing power units was possible due to the materials revolu-
tion in the power industry and was associated with the introduction of new grades of steels 
and cast steels with higher resistance to creep and oxidation than that of the materials used so 
far. The implementation of new materials in the power industry took place primarily through 
modifications and optimizations of steels that were already being used in the power sector. 
It has contributed not only to the increase in steam parameters, but also to the reduction in 
overall dimensions of boiler components, and thus in their weight, which has also a significant 
impact on the reduction in the energy production costs [1, 2].

One of the new steel groups introduced to the power industry was high-chromium martensitic 
steels containing 9–12%Cr. By the optimization of carbon content and the introduction of addi-
tions and micro-additions such as W, Co, V, Nb, N, B, and Cu to these steels, the construction 
materials characterized by high mechanical properties were obtained. For example, their creep 
strength is higher by approx. 20–25% than that of the steels used so far [2, 3]. The expected high 
reliability and long life of up to a minimum of 200,000 h of pressure parts made from, among 
others, 9–12%Cr steels require understanding and describing the effects and microstructure 
degradation processes for these materials. Based on many years of Authors’ own research and 
literature data, the main steel/martensitic cast steel microstructure degradation mechanisms 
and their impact on mechanical properties were described and characterized in this paper.

2. Microstructure degradation and properties of 9–12%Cr steels

The basic requirement for creep-resistant steels used in the broadly understood power indus-
try is to maintain—for a relatively long time of operation (at present, 200–250,000 h)—the 
assumed mechanical properties at the operating temperature of power equipment compo-
nents. The maintenance of the required mechanical properties of creep-resistant steels during 
long-term service depends on the stability of their microstructure. The structural components 
of the power equipment are influenced by the continuous destruction process, which has 
a significant impact on the life and time of safe service of a specific component. Therefore, 
the time of safe service for devices used in the power industry is one of the most important 
parameters related to their life, and it determines their applicability in this sector [1, 4, 5].

During their long-term service, progressive changes in microstructure of creep-resistant steels 
take place—the process of degradation of their microstructure occurs. For 9–12%Cr martens-
itic steels, the main microstructure degradation mechanisms include [6–8]:

• matrix recovery and polygonization processes,

• coagulation of M23C6 carbides,

• precipitation of secondary phases: Laves phase and Z-phase, and

• depletion of alloying elements in matrix.
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Martensitic steels in the hardened condition are characterized by high dislocation density 
within the martensite laths (1016–1018 m−2). Due to high-temperature tempering of hardened 
steel, a more thermodynamically stable microstructure with still high dislocation density at 
1012–1014 m2 (including free dislocations) within the subgrains formed during the tempering 
is obtained. The dislocation substructure in 9–12%Cr steels is characterized by small elon-
gated subgrain (of 200–400 nm in width) and low-angle boundaries [6, 7, 9, 10]. High disloca-
tion density and microstructure refinement with dislocation boundaries has a very intensive 
impact on the 9–12%Cr steel hardening with the dislocation hardening mechanism and the 
grain boundary hardening mechanism, respectively. The calculations in [11] showed that 
the gain in yield strength in martensitic steels for the above-mentioned mechanisms is 18 
and 33%. In addition to this hardening, the following further mechanisms are additionally 
used to form the structure and mechanical properties of 9–12%Cr steels: solution hardening 
with interstitial and substitution elements and precipitation hardening [9, 11, 12]. In high-
chromium martensitic steels, the precipitation hardening mechanism is mainly performed by 
the secondary particles precipitated when tempering M23C6 carbides and MX precipitates. In 
9–12%Cr creep-resistant steels, three types of MX precipitates can occur [3, 13, 14]:

• Primary niobium-rich spheroidal NbC carbides (carbonitrides)

• Secondary lamellar VN (VX) nitrides (carbonitrides), which are precipitated within the 
martensite laths during high-temperature tempering

• Precipitate complexes consisting of the spherical NbX precipitate in which the VN precipi-
tate nucleates, referred to as the “V-wings”

The degree of hardening with secondary phase precipitates depends mainly on the amount 
and size of precipitates and their distribution within the matrix.

High-chromium martensitic steels in the as-received condition (i.e., after quenching and tem-
pering) have a metastable microstructure, which will be affected by gradual evolution as a 
result of long-term service (Figure 1).

Figure 1. The microstructure of GP91 cast steel in the as-received condition [8].
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Long-term effect of the temperature and time, in the case of creep as well as stress, leads to 
a decrease in strengthening with the dislocation mechanisms and the grain boundaries. A 
decrease in free dislocation density within grains and increase in size of the subgrains take 
place. The decrease in dislocation density with the time of service/aging is associated with 
the progressing process of their regrouping, arranging, annihilation, and entangling the dis-
locations in grain boundaries as well as the formation of cellular dislocation and subgrain 
microstructure (Figure 2). The matrix recovery and polygonization process results in the dis-
appearance of martensite lath microstructure and the formation of polygonised ferrite micro-
structure Figures 3 and 4.

In the microstructure of martensitic steels, the formation of polygonal structure during 
service takes place due to the progressive increase in the size of subgrains. This process is 
slow because of low mobility of these subgrains. The stability of subgrain size has a posi-
tive impact on the maintenance of high mechanical properties, including creep resistance 
[16]. The increase in the size of subgrains occurs due to the migration or coalescence of the 
sub-boundaries.

The increase in the size of sub-boundaries usually takes place with the “Y” mechanism 
[15, 17, 18]. The migration with this mechanism is based on the movements of “Y” nodes 
that are the place where three sub-boundaries meet, which allows the coalescence of two 
low-angle boundaries. The increase in the size of subgrains with the “Y” node movement 
mechanism is shown in Figure 5.

The matrix recovery and polygonization process takes place in the presence of secondary dis-
persion phases, which act as a stabilizing agent. The lath microstructure stability depends on 
the stability of M23C6 carbides precipitated on these phases (Figure 6). M23C6 carbides precipi-
tate on the tempered martensite lath boundaries and on the subgrain boundaries preventing 

Figure 2. The interaction of dislocations with lath/subgrain boundaries, PB2 steel, TEM.
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their growth due to the matrix polygonization, repolygonization, and recrystallization pro-
cesses [17, 19]. In addition, the elongated shape of M23C6 carbides precipitated on the sub-
boundaries (Figures 1, 3, and 5) has a positive impact on anchoring the boundaries by them 
as their contact surface with the boundary on the same volume fraction is bigger than for 
spherical particles [18].

The thermodynamic thermal stability of M23C6 carbides is not too high—the Cr23C6 carbide 
formation enthalpy is: –20 kJ/mol [20]. In the as-received condition, the size of M23C6 carbides 

Figure 3. The microstructure of: (a) T91 steel after long-term service [12], (b) GP91 cast steel after 70,000 h aging at 600°C.

Figure 4. The microstructure of polygonised ferrite with numerous precipitates in GP91 cast steel after low-cycle fatigue 
at 600°C with strain amplitude of 0.60%.
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in martensitic steels is 50–150 nm [8, 21]. The long-term service/aging contributes to changing 
the morphology of M23C6 carbides. These precipitates show a high tendency to coagulation. 
The process of coagulation of precipitates is determined by two basic factors: the thermody-
namic and the kinetic one. The thermodynamic factor results from a large value of the surface 
energy of the interphase boundaries. As a result of coagulation, the surface energy decreases 
and aims at reaching the energy equilibrium. The kinetic factor of coagulation, on the other 
hand, is connected with the diffusion and reactions occurring on the boundary surface. They 
run at different rates, and the slowest one determines the rate of particle growth in the sys-
tem, and thereby determines the kinetics of coagulation. The constant of the rate of growth of 
particles Kp in the matrix of martensitic steels is presented in Table 1.

Figure 5. The morphology of “Y” nodes in: (a) P91, (b) PB2, TEM [15].

Figure 6. The interaction of dislocations in GP91 cast steel with particles of precipitates occurred after low-cycle fatigue.
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The coagulation of M23C6 carbides reduces their amount with almost the same volume frac-
tion and results in the increase in distance between these precipitates. Also, nonuniform 
distribution of these precipitates within matrix makes them become a less effective factor 
controlling the increase in the size of subgrains (Figure 7). The literature data [23] show that 
the subgrain boundaries with mutual disorientation angle of less than 20° are not the points 
of preferential carbide precipitation. According to the research in [24], only about 8% of M23C6 
carbides was precipitated at the low-angle boundaries with mutual disorientation angle of 
8–15°. The low-angle boundaries represent at least 60% of the total amount of boundaries in 

Precipitate Steel Temperature, °C Based on solubilities at tempering 
temperature

Based on solubilities at 
exposure temperature

Kp, m3 s−1 γ, J/m2 Kp, m3 s−1 γ, J/m2

MX P92 600 1.17 × 10−32 0.5 8.58 × 10−33 0.5

650 9.5 × 10−32 0.5 65.5 × 10−33 0.5

Laves phase P92 600 – – 2.91 × 10−31 1.0

650 41.6 × 10−31 1.0

M23C6 P92 600 0.12 × 10−29 0.1 1.88 × 10−30 0.1

650 1.37 × 10−29 0.1 4.78 × 10−30 0.1

P91 600 2.88 × 10−29 1.0 7.67 × 10−30 0.5

650 25.3 × 10−29 0.8 59.8 × 10−30 0.3

Table 1. Calculated coarsening rate constants Kp of MX, Laves phase, and M23C6 precipitated in P91 and P92 steel based 
on the shown fit values for the interfacial energy γ [22].

Figure 7. The microstructure of martensitic steels with both wide and narrow martensite laths visible: (a) P91, (b) PB2, TEM.
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tempered martensite. This limits their role and reduces their effectiveness as a substructure 
stabilizer, which results in the reduction in creep strength. The precipitate-free boundaries 
show higher mobility, which results in an increase in their width. The increase in the size of 
M23C6 carbides precipitated at the boundaries is also conducive to the reduction in ductility of 
9–12%Cr steels [6, 8, 22–26].

In steel with micro-addition of boron, the carbon atoms in M23C6 carbides are partially 
replaced by boron during the tempering, which results in the formation of M23(C, B)6 car-
boborides. Like M23C6 carbides, these precipitates occur at the grain boundaries and at the 
martensite lath boundaries. However, these precipitates are more finely dispersed and char-
acterized by higher thermodynamic stability compared to M23C6 carbides [9, 14, 27]. This 
results in a slower increase in the size of these precipitates, which has a positive effect on the 
stability of tempered martensite lath microstructure and results in a higher creep resistance. 
Also according to [24], vanadium plays a significant role as a factor controlling the process of 
coagulation of M23C6 carbides. Vanadium dissolved in the matrix is conducive to decreasing 
of the coefficient of chromium diffusion in ferrite. Similar influence is also observed in the 
case of tantalum [28]. The temperature of work has a considerable effect on the rate of coagu-
lation of M23C6 carbides. Elevating the temperature of service by 50°C can cause a growth of 
the rate of coagulation of these precipitates even by an order of magnitude.

The martensitic steels gain high creep resistance mainly due to the precipitation hardening 
provided by: MX nitrides, carbonitrides (where: M = V, Nb; X = C, N). MX precipitates are 
characterized by nanometric dimensions of about 10–50 nm, and in spite of their low volume 
fraction of 0.020–0.025, they ensure very strong hardening of creep-resistant steels (Figure 8).

The hardening with these precipitates is ensured by anchoring and hindering the motion of 
dislocations [6, 7, 9, 14, 15, 18, 29]. The calculations made for the P91 steel showed that the 
stress required for dislocation to “bypass” the carbide and nitride particles with the Orowan 
mechanism is as follows: for M23C6—39 MPa, for NbC—15 MPa, and for VN—106 MPa [30]. 
The MX precipitates in 9%Cr steels have a very high thermal stability (Table 1). The approxi-
mate formation enthalpy for these precipitates is as follows: for VC and NbC carbides, 55 and 
70 kJ/mol, respectively, and for VN nitride, 125 kJ/mol [19]. High stability of MX precipitates 
and their coherent (semi-coherent) interphase boundaries cause that after approx. 100,000 h 
creep at 600°C, their size is similar to that as in the as-received condition [24, 30, 31].
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In martensitic steels used at above 600°C and containing at least 10%Cr, MX precipitates rep-
resent a metastable phase and undergo a transition into a more thermodynamically stable 
Z-phase (Figure 9a) [30–34]. The disappearance of finely dispersed MX precipitates in the 
microstructure of these steels due to the MX carbide → Z-phase transition (complex Cr(V, Nb)
N nitride) results in a very fast decrease in creep resistance [31, 32, 34, 35].

According to [32, 35], one large Z-phase precipitate is formed at the expense of dissolving 
approx. 1000–1500 finely dispersed MX precipitates in the matrix. The disappearance of MX 
precipitates in martensitic steels during service in favor of Z-phase eliminates the effect of 
precipitation hardening with these particles. Nevertheless, as shown in [12], the interaction 
of MX precipitates with dislocations (Figure 9b) is still observed in the microstructure of P91 
steel after service, and single Z-phase precipitates do not adversely affect its properties, and 
thus the creep strength (Figure 10).

Unlike the MX precipitates, both the chemical composition and the size of Z-phase depend on 
chemical composition of the steel it precipitates in and on creep duration. The Z-phase in 9%Cr 
steels is approx. 80–100 nm, whereas in steels with 11–12%Cr it is much larger and amounts 
to approx. 0.5–2 μm. Consequently, in 9%Cr steels the Z-phase precipitation is accompanied 
by a slight reduction in the volume fraction of MX precipitates, whereas in 12%Cr steels MX 
precipitates are virtually completely transformed into this complex nitride [31, 32, 36]. In 
addition, in 9%Cr steels the Z-phase precipitates after approx. 105 h at the earliest, while in 
12%Cr steels the precipitation of this phase can be observed as early as after 103 h. Hence, the 
effect of Z-phase precipitates on creep strength is slight in steels with 9%Cr, whereas in 12%Cr 
steels it is significant [25, 32, 35, 36].

In high-chromium martensitic steels, the Z-phase precipitation may proceed with two mecha-
nisms [32, 33]. The schematic transition of MX precipitates into Z-phase in high-chromium 
martensitic steels is shown in Figure 11.

On the other hand, dissolving NbX precipitates in the matrix “releases” carbon atoms, which 
results in the precipitation of chromium-rich M23C6 carbides, frequently nearby the Z-phase par-
ticles. The precipitation of Z phase is preferential near the grain boundaries of prior austenite, 
and in the steels containing delta ferrite additionally also near the interphase boundary mar-

Figure 9. Z-phase precipitate in T91 steel after service (a), interaction of dislocations inside the subgrain with MX 
precipitates (b).
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tensite/delta ferrite [14, 25, 33, 35, 36]. This is due to faster diffusion of substitution elements 
nearby these defects. It results in the formation of near-boundary areas free from MX precipi-
tates, which leads to the accelerated matrix recrystallization and reduction in strength properties 
in these areas. Such changes lead to the formation of creep grain, which is unequal in volume, 
and consequently to a faster destruction of steel during service [32, 35, 36]. The disappearance of 

Figure 11. Schematic transition of MX precipitates into Z-phase [32].

Figure 10. Results of short-term creep tests of T91 steel after service [12].
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finely dispersed MX precipitates also results in disproportionately high reduction in hardness in 
relation to other mechanical properties [21].

In martensitic steels containing approx. 9%Cr, a more important problem is the increase in 
the size of M23C6 carbides as well as the precipitation and growth of intermetallic Fe2Mo Laves 
phase [6, 7, 25, 37]. In 9–12%Cr steels in the as-received condition, the Laves phase does not 
occur. The precipitation of this phase takes place during service/aging mainly at the grain/lath 
boundaries, frequently nearby M23C6 carbides Figure 12 [37–39]. In the case when the total 
content of W + Mo in the steel amounts to at least 4.53, the particles of Laves phase precipitate 
heterogeneously at grain boundaries as well as homogeneously within grains, forming the 
precipitation free zone on both sides of the grain boundary [40].

It is assumed that due to high dispersion in the initial period of the precipitation the Laves 
phase has a positive effect on properties of these steels by increasing the precipitation harden-
ing. However, low stability of the Laves phase results in its high coagulability, which results 
in a very fast increase in its size [15, 25, 37, 39].

The Laves phase precipitating in 9–12%Cr creep-resistant steels makes the matrix deplete of 
substitution elements (tungsten, molybdenum, chromium), which increases the tendency of 
these steels to the recovery and polygonization process and reduces their resistance to oxida-
tion. On the other hand, the matrix depletion of substitution elements (Cr, Mo, W), which are 
also components of M23C6 carbides, has a positive effect on the inhibition of coagulation of these 
precipitates [12, 38]. According to [41, 42], the nucleation and growth of Laves phase requires 
the enrichment of micrograin boundaries not only in Mo and Si, but also in phosphorus.

The Laves phase precipitates with average diameter above 130 nm also contribute to the 
change in cracking mechanism from ductile to brittle (transcrystalline, cleavable fracture) and 
are the main reason for sudden reduction in creep strength of [40, 41, 43, 44]. The Laves phase 
and M23C6 carbide precipitates occurring during long-term service form the so-called continu-
ous grid of precipitates at the grain boundaries (Figure 13), which contributes to a decrease in 
ductility of 9% Cr steel [8, 12, 43–49].

Figure 12. Precipitation of Laves phase at the grain boundary nearby M23C6 carbides: (a) T91 steel, (b) GP91 cast steel [38].
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The increase in stability of the Laves phase precipitates in these steels can be achieved by the 
addition of boron and/or tungsten [50, 51]. On the contrary, phosphorus, silicon, and cobalt 
have an adverse effect as they stimulate the precipitation of the Laves phase [52, 53].

In the tempered structure of martensite in steel of the 9–12%Cr type, in the case of the typical 
volume fractions of particular precipitates and spacing between them, the Orowan stress can 
be estimated as shown in Table 2.

The precipitation processes as well as the growth of carbides and secondary phases, which 
occurs during the operation of creep-resistant steels, make the matrix deplete of substitution 
elements as a result of their diffusion into these precipitates.

The matrix depletion of the above-mentioned elements facilitates the self-diffusion processes, 
speeds up the matrix recovery and polygonization processes, and reduces the oxidation resis-
tance, thus contributing to the reduction in high-temperature creep resistance and life of these 
steels [11, 54].

An important factor affecting the basic property of 9–12%Cr steels, i.e., creep strength, is alu-
minum content in the steel. The addition of aluminum to steel is to deoxide it in the metal-
lurgical process, hence part of aluminum will remain as Al2O3 in the steel, while the other part 
in the atomic form is dissolved in solid solution. The aluminum content in 9–12%Cr steels for 

Figure 13. Continuous grid of precipitates at the former austenite grain boundaries (a) P91 steel (SEM), (b) GP91 cast 
steel (TEM) [49].

Particle Volume fraction, % Diameter, nm Spacing, nm Orowan stress, MPa

Fe2M 1.5 70 410 95

M23C6 2 50 260 150

MX 0.2 20 320 120

Table 2. Volume fraction, diameter, and spacing of each kind of precipitates in high-chromium martensitic steel, together 
with Orowan stress from the values of interparticle spacing [14].
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the power industry should not exceed 0.04%. Due to its greater affinity to nitrogen, alumi-
num forms large lamellar AlN nitrides of about 0.5–1.0 μm to prevent the formation of finely 
dispersed vanadium-rich MX precipitates. This results in not only a reduction in the volume 
fraction of vanadium-rich MX precipitates, but also in a change in their chemical composition. 
There occurs a decrease in the amounts of vanadium and nitrogen with simultaneous increase 
in the amounts of niobium and carbon in these precipitates, which makes niobium-rich car-
bides (NbC) become the main precipitate in martensitic steel. This results in a decrease in 
creep strength of martensitic steels: for P91—by about 10% at 600°C, whereas for P92 the time 
to rupture of test specimen was shorter by 7–30 times, depending on test temperature and 
stress [30, 55]. Higher than permissible aluminum content in 9–12%Cr steels has a positive 

Features of microstructure As-received condition Creep/aging

Matrix Dislocation density High Low/very low

Size, width of subgrains/
martensite laths

High-temperature 
tempered martensite 
microstructure with 
small width of laths

Recovery and 
polygonization process – 
transformation of the lath 
martensite microstructure 
into the polygonised ferrite 
grain microstructure

Precipitates MX Finely dispersed 
(~20–50 nm), precipitated 
inside laths at 
dislocations, limit grain 
growth, make steel 
precipitation-hardened

Finely dispersed (~20–
50 nm), precipitated inside 
laths at dislocations, limit 
grain growth, make steel 
precipitation-hardened, 
change into Z-phase

M23C6 50–150 nm, precipitated 
at the martensite lath 
boundaries and at the 
former austenite grain 
boundaries, stabilize 
substructure

≥220 nm, partially 
precipitated at the 
subgrain boundaries, 
coagulate during creep/
aging resulting in a 
reduction in creep 
strength and increase in 
embrittlement

Z-phase Nonexistent Formed at the expense 
of finely dispersed MX 
precipitates, causes 
sudden decrease in creep 
strength

Laves phase nonexistent Medium and large size of 
precipitates (≥0.5–1 μm), 
precipitated at the grain 
and subgrain boundaries 
nearby M23C6, decreases 
creep strength and 
reduces ductility

Table 3. Basic features of microstructure in 9–12%Cr steels in the as-received condition and after creep.
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effect on the increase in impact strength and reduction in brittle fracture appearance transi-
tion temperature, which is the result of positive effect of AlN on the austenite grain refine-
ment. The increase in aluminum content from 0.03 to 0.094% in P92 steel makes the average 
diameter of austenite grain decrease from 50 μm (which corresponds to the grain grade of 5.5)  
to 10 μm (grain grade 10) [30, 56]. The negative impact of aluminum on creep resistance 
requires control of chemical composition of 9–12%Cr steel as early as at its production stage, 
in particular with regard to elements with high affinity to nitrogen, such as Al and Ti, so as 
to prevent from the formation of unfavorable AlN or TiN nitrides at the expense of finely 
dispersed VN precipitates.

The basic features of the microstructure of 9–12%Cr steel in the as-received condition and 
after long-term service/aging are summarized in Table 3.
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Abstract

This chapter presents a comprehensive review of the creep technique used for the study
of defect structure and diffusion in metal oxides, both single crystals and ceramics. At
high temperatures, the creep rate is proportional to the diffusion coefficient of the
slowest species in solid compounds, whatever deformation mechanisms are present
(Nabarro viscous creep, recovery creep or pure climb creep). The creep rate dependence
on deviation from stoichiometry can be determined from this diffusion. In the case of
metal oxides, the departure from stoichiometry is controlled by the oxygen activity
which usually is identified with oxygen partial pressure, pO2

. The pO2
dependence of

the creep rate provides direct information about the nature of minority point defects. On
the other hand, studies of the temperature dependency of the creep rate inform us about
the activation energy of the diffusion coefficient.This review focuses primarily on the
creep behavior of transition metal oxides such as Ni1�yO, Co1�yO, Fe1�yO exhibiting
disorder in metal sublattice, as well as ZrO2�x with majority defects in oxygen sublattice.
The advantage of these studies is determination of both defect structure and diffusion
coefficients of minority defects namely in oxygen sublattice in iron-triad oxides and in
zirconium ZrO2 sublattice.

Keywords: high temperature creep of metal oxides, defect structure, nonstoichiometry,
diffusion

1. Introduction

This chapter presents a review of the creep technique used for the study of defect structure and
diffusion in metal oxides. Transition metals of the iron-row triad (Fe, Co, Ni) monoxides were
chosen. These oxides at higher temperatures exhibit electronic conductivity. Zirconia stabilized
with yttria, termed as YSZ, was also the subject of interest. This material is treated as model
system of ionic (super ionic) conductor. Taking into account that creep behavior of the oxides is
generally dependent of the minority defects properties (types and concentrations) which are
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especially strictly related with majority point defect, a short description of the point defect
structure of each analyzed oxide proceeds the appropriate chapter.

2. Definition of terms

Creep, or more generally high-temperature plastic deformation of metal oxides, is a suitable
method for measuring diffusion coefficients and to assess the nature of point defects responsi-
ble for diffusion processes. Above a so called Tamman’s temperature and under constant
applied stress, a steady state is reached where the rate of deformation remains constant.
Tamman’s temperature of metal oxides assumes value of about 0.45 � Tmelt [K] [1] creep rates,
_ε, is commonly expressed by the equation [2]

_ε ¼ dε
dt

¼ Aσm

db
exp � Q

kT

� �
(1)

where ε is the creep strain, A is constant dependent of the material structure and the creep
mechanism, σ is the applied stress, m and b are exponents dependent on the creep mechanism,
d is the grain diameter, k is Boltzmann’s constant, T is the absolute temperature and Q is an
activation energy of the creep.

At high temperatures, the creep rate is proportional to some diffusion coefficient, what-
ever the exact nature of deformation mechanism: Nabarro-Hearing creep, grain boundary
sliding and dislocation movements are valid [3]. This diffusion coefficient, D, is an effec-
tive diffusivity involving both the lattice and the grain boundaries diffusivities. In most
cases, it reduces to the diffusivity of the slowest species. In case of transition metal oxides,
the creep rate dependence on deviation from stoichiometry is carried out through diffu-
sivity. In binary oxides, at high temperatures the deviation from stoichiometry and related
majority point defects are controlled by the oxygen partial pressure, pO2

. In most cases,
these defects are only located either in metal or oxygen sublattice. Defects on other
sublattice are present in a much lower concentration (named as ‘minority defects’), and the
diffusivity of the corresponding species is very low. Their diffusion coefficient is propor-
tional to the concentration of minority defects, which also varies as some characteristic
power law with pO2

, so that creep rate has related to this variable. Accordingly, the pO2

dependence of the creep rate leads to a direct approach to assess the nature of the minority
point defects [2]

_ε ¼ dε
dt

¼ Cσm

db
p

1
n
O2
exp �Eact

kT

� �
(2)

where C ¼ Ap�
1
n

O2
, Eact = Q is the energy activation of diffusion and n is the parameter dependent

of the point defect structure.
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3. Creep of transition metal monoxides

The transition metal monoxides such as iron-triad group (Fe, Co, Ni) show only metal defi-
ciency: Fe1�yO, Co1�yO and Ni1�yO. The nonstoichiometry and related point defect structure
discussed below for these oxides are based on both thermogravimetric equilibration and
electrochemical measurements. The nonstoichiometry, y, is most pronounced with Fe1�yO
(y = 0.043�0.167) [4, 5], whereas in Co1�yO [6] and Ni1�yO [7] y is about 0.000–0.012 and
0.0000–0.0010, respectively.

Nonstoichiometry y in M1�yO (M = Fe, Co, Ni) can be modified by changes of oxygen activity,
pO2

, in thermodynamic equilibrium with the oxide crystal (Kröger and Vink [8] notation of
defects is used throughout this paper):

1
2
O2 ⇔ Vi�

M þ ih• þOO (3)

where i = 0, 1, 2 denotes the degree ionization. The nonstoichiometry of the M1�yO is then
given by:

y ¼ Vx
M

� �þ V 0
M

� �þ V 00
M

� �
(4)

Applying themass action law to reaction (3) and assuming that interaction among defectsmay be
neglected, aswell as supposing appropriate electroneutrality conditions, one arrives at the follow-
ing relationship between nonstoichiometry and equilibrium oxygen pressure and temperature:

y ¼ yop
1=ny
O2

exp � Ey

RT

� �
(5)

where 1/ny, or simply ny, is the parameter depending on the ionization degree of cation vacan-
cies, assuming 2, 4 and 6 values for neutral, single- and double-ionized vacancies, respectively;
Ey denotes the temperature coefficient directly related to the enthalpy of defect formation.

M1�yO (M = Fe, Co, Ni) are p-type semiconductors, which electrical conductivity is realized by
electron (or electron hole) hopping mechanism between M3+ and M2+ ions. The concentration
of quasi-free electron holes [h•] is given by:

h•½ � ¼ V 0
M

� �þ 2 V 00
M

� �
(6)

Accordingly, the following relationship between electrical conductivity, σ and equilibrium
oxygen pressure and temperature is given by:

σ ¼ eμh h
•½ � ¼ σo p1=nσO2

exp � Eσ

RT

� �
(7a)

or
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h•½ � ¼ ho pO2

� � 1
nσexp � Eσ

RT

� �
(7b)

where e is the elementary charge, μ is mobility of the holes, σo and ho are constants involving
mobility of electron holes and entropy terms of the equilibrium constant of the reaction (3), nσ
is the parameter depending on the ionization degree of cation vacancies, assuming ∝, 4 and 6
values for neutral, single- and double-ionized vacancies, respectively; Eσ denotes the activation
energy of the electrical conductivity.

Several minority defects can be proposed in M1�yO. Considering only simple defects oxygen

vacancies Vjþ
O (j = 1 or 2) or oxygen interstitials Ok�

i (k = 1 or 2) the formation of these defects is
described by the following:

OO þ j h• ⇔Vjþ
O þ 1

2
O2 (8)

and

1
2
O2 ⇔Ok�

i þ k h• (9)

Applying the mass action law to these equilibriums and taking into account the Eq. (7b), we
can write the following relationships:

Vjþ
O

h i
¼ Ko

j hoð Þj pO2

� � j
nσ
�1

2ð Þ
exp

�jEσ þ ΔHjÞ
RT

� �
(10)

and

Ok�
i

h i
¼ Ko

i hoð Þ�k pO2

� � 1
2� k

nσð Þ
exp

�ΔHk � kEσÞ
RT

� �
(11)

From Eqs. (2) and (10),

1
n
¼ j

nσ
� 1
2

(12)

and

Eact ¼ jEσ þ ΔHj (13)

Similarly, from Eqs. (2) and (11),

1
n
¼ 1

2
� k
nσ

(14)

and
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� k
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Eact ¼ ΔHk � kEσ (15)

So, using Eqs. (12) and (13) or Eqs. (14) and (15) carrying out the creep rates measurements as a
function of oxygen partial pressure and temperature, we can determine both parameters n and
Eact. Then, using the values of electrical properties such as electrical conductivity (or Seebeck
coefficient) which are related to the concentration of the electron holes, we can identify the
type of minority defect responsible for the creep diffusion process and can determine the
activation energy of the diffusion.

3.1. Creep of NiO

Nickel oxide is a nonstoichiometric compound with a deficit of metal. Its chemical formula
may be written as Ni1�y.O. The resulting majority point defects are nickel vacancies formula
may be written as Ni1�y.O. The resulting majority point defects are nickel vacancies: VNi

0, VNi
00

and electron holes (Figure 1) [7]. The dependence of electrical conductivity, σ, as a function of
oxygen partial pressure, pO2

and temperature is shown in Figure 2 [9, 10]. The reciprocal of
oxygen exponent nσ = nh varies values between 4 and 6.

The results of the creep studies of NiO single crystals [11, 12] and NiO polycrystals [3, 13,
14] are summarized in Table 1. The comparison of the activation energies for creep rate
with oxygen self-diffusion obtained by Dubois et al. [15, 16] agrees only with a rather large
uncertainty [17–19]. Controversy, Figure 3 presents the diffusion coefficients determined by
tracer of nickel [17, 18] and by the tracer self-diffusion of oxygen [19] on one hand, and the
diffusion coefficient determined using the creep technique, on the other. The excellent
agreement is observed between oxygen diffusion coefficient and the diffusion coefficient
from the creep.

Figure 1. Majority defect concentration in Ni1�yO. Defect concentrations ([ ]) are unitless values. They are expressed as
Ni-site ratio.
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Figure 2. Electrical conductivity of at 1145 K Ni1�yO [9, 10].

Material T/
Tm

**
σ
(MPa)

pO2
(Pa) m Eact

(eV)
n Minority

defect
Mechanism of creep Ref.

NiO
s.crystal

0.09–
0.66

20–
100

0.1–2 � 104 NA NA NA NA NA [11]

NiO
s.crystal

0.6–
0.8

15–
120

1–2 � 104 12
7

5.4–8.5 �0.06 to
+0.11

VO
•• Thermally activated glide

recovery creep
[12]

NiO
polycrytals

0.6–
0.8

6–20
20–90
90

1–2 � 104 1.5
7.9

3.8 0–0.03 VO
•• Nabarro creep [13]

NiO
polycrytals

0.56–
0.61

34.5–
79.8

2 � 104 3.25 �
0.18

2.46 �
0.31

NA NA Diffusion controlled climb
glide

[25]

CoO
s.crystal

0.49–
0.66

6.9–31 2.1 � 104

1.1 � 10�4
4.6
3.3

2.9
1.77

NA NA Diffusion [24]

CoO
s.crystal

0.61–
0.75

8.3–
14.5

NA 5 2.2 NA NA Diffusion controlled
dislocation motion

[25]

CoO
s.crystal

0.61–
0.80

2–20 10�6

1 � 105
4.4–5.6 3.1–4.7 2 VO

•• \

Oi
x, Oi

�

Oi
2�

Oxygen diffusion [26]

CoO
s.crystal

0.6
0.8

5–25 1
2 � 104

8.5
6.5

5
2.5–5

0.5
0.1

Oi
»

VO
••

Oxygen diffusion [27]

CoiO
polycrytals

0.58–
0.62

34.5–
79.8
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FeO
polycrystals

0.73–
0.95

2.5–15 10�10–3 �
10�8

4.15 �
0.10

2.8 NA VO
•• Climbing dislocations [37]

FeO
s.crystal

0.67
0.85

3.2–
5.3

3 � 10�13–2
� 10�6

5.3
4.2

3.0 �
0.4

�0.015
+0.11

Oi
00

Oi
0

Diffusion controlled
recovery

[38]

*Denotation of symbols, see Eq. (2).
**Tm – Melting temperature (K).

Table 1. Creep results of NiO, CoO and FeO*.
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Table 1. Creep results of NiO, CoO and FeO*.
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3.2. Creep of CoO

Taking into account both crystal structure and nonstoichiometry departure, CoO shows similar-
ities to NiO. However, there is a major difference at low temperature (below 1170 K) and high
oxygen pressure CoO is unstable and transforms to the spinel-type Co3O4 (Figure 4). Also the
departure of stoichiometry, y, in Co1�yO is about 10 times higher than that of Ni1�yO. Traditional
analysis of point defect structure in Co1�yO based on the ideal defect model with the assumption
that point defects in Co1�yO are randomly distributed and do not interact with each other, leads
to the conclusion that at high pO2

(close to CoO/Co3O4 border) the predominant ionic point
defects are VCo

x and VCo
0; at the intermediate region of pO2

both VCo
0 and VCo

00 coexist together
as the predominant ionic point defects; and finally near the border Co/CoO the doubly ionized
cobalt vacancies VCo

00 are predominant [20]. However, the assumption of validity of ideal point
defects in CoO is questionable. The ideal point defect model gives satisfactory results when
nonstoichiometry departure and related point defect concentration is below 0.1 at%, for higher
concentrations interaction between defects must be taken into account [21].

The interaction between defects in Co1�yO can be well described by the Debye-Hückel
approach [22]. In addition, the model proposed is based on the assumption that the only type
of predominant ionic defects present in cobalt monoxide at elevated temperatures are double-
ionized cation vacancies, VCo

00 instead of two or even more types of ionic defects considered
before. Despite the simplicity of the model, the agreement with the experiment is very good
within the entire range of CoO stability.

Figure 3. Temperature dependence of diffusion coefficients [14, 17–19].
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Apart from the Debye-Hückel model, there is also another model making allowance for
interaction between the defects which explains well the experimental data of CoO, in
particular at high values of deviation from stoichiometric composition (i.e. close to the
Co1�yO/Co3O4. This so called cluster model involves the formation of 4:1 clusters
consisting of four double-ionized octahedral cobalt vacancies and one trivalent Co ion in
tetrahedral interstitial position: [(VCo)4Coi]

3� [23]. Figure 5 [20] shows the plots of electri-
cal conductivity, σ, as a function of oxygen partial pressure and temperature. The depen-
dences shown can be used to determine the reciprocal of oxygen exponent nσ = nh

defined in Eq. (7a). The exact value of nh is needed in the interpretation of the creep rate
versus pO2

.

The results of the creep studies of CoO single crystals [24–28] and CoO polycrystals [14]
are summarized in Table 1. A comparison of the activation energies for creep rate with
oxygen self-diffusion obtained by Dubois et al. [15, 16] agrees only with a rather large
uncertainty.

Figure 4. Stability range of Co1�yO [6, 20].
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3.3. Creep of FeO

Iron monoxide, termed also as wüstite, has the NaCl-type structure. Compared to other
binary oxides of iron-row metals, the wüstite phase exhibits the highest deviation from
stoichiometry, varying from 4.3 at% at the Fe/Fe1�yO phase boundary up to 16.7 at% at the
Fe1�yO/Fe3O4 interphase (Figure 6) [4, 5, 29]. The non-stoichiometry occurs because of the
ease of oxidation of Fe2+ to Fe3+effectively replacing a small portion of Fe2+ with two-thirds
their number of Fe3+, which take up tetrahedral positions in the close packed oxide lattice.
The considerable concentration of defects, resulting from nonstoichiometry, leads to their
strong interactions and formation of complexes. On the basis of neutron diffraction studies,
Roth [30] has proposed the formation of defect complexes composed of two iron vacancies

and interstitial iron VFe
00ð Þ2Fe3þi

� �0
. This defect is similar to an element of the spinel structure

of magnetite Fe3O4. Therefore, the Roth complexes can be formally considered as a
magnetite-type defect or a submicrodomain of Fe3O4 in FeO [28, 31]. On the basis of X-ray
studies, Koch and Cohen [32] have postulated that defects in Fe1�yO form associates even
larger than Roth 2:1 complexes, composed of 13 iron vacancies and 4 interstitials (termed as
cluster 13:4). The formation of the clusters was later confirmed by the neutron diffraction

Figure 5. Electrical conductivity, σ, as a function oxygen partial pressure and temperature [20].
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studies of Cheetham et al. [33, 34]. Catlow et al. [35, 36] using the computer simulation
method have proposed various kinds of defect clusters such as 4:1, 6:2. 8:3, 10:4, 12:4 and
16:5. It has been postulated that the 4:1 cluster is a constructional unit in formation of higher
order clusters. The cluster 16:5 resembles the magnetite structure and can be considered as a
Fe3O4-type microdefect.

The creep studies of FeO single crystals were performed by Ilschner et al. [37] and by Jolles and

Monty [38]. The required parameter nh ¼ n ¼ e
k

∂α
∂ln pO2

� ��1

(where α is Seebeck coefficient) needed

Figure 6. Stability range of Feo1�yO [4, 5, 29].
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to interpretation of the creep rate versus pO2
is presented in Figure 7. The results of the creep

studies are summarized in Table 1.

4. Zirconia-based materials

Zirconium dioxide, ZrO2 has three polymorphic modifications: monoclinic below 1440 K, tetrag-
onal 1440–2640 K and cubic above 2640 K. The transition between them involves a large volume
expansion cause a cracking upon cooling from high temperature, which is detrimental to the
materials structural applications. The destructive phase transformation can be suppressed by
total or partial stabilization of high temperature modifications (cubic or tetragonal form). This
stabilization consists on the addition to ZrO2 several mole % of MgO, CaO or Y2O3 among
others. The most popular stabilizer is Y2O3 termed as yttria.

Figure 7. Seebeck coefficient, α, of Fe1�yO [31].
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Yttria-stabilized zirconia (YSZ) ceramics is a strategic functional material which has found
extensive applications in electrochemical devices, such as gas sensors, solid oxide fuel cells and
electrolysis cells.

Also the YSZ well known as an excellent construction material due to such properties as: high
hardness, low wear resistance, low coefficient of friction, high elastic modules, chemical inert-
ness, low thermal conductivity and high melting point [39–42]. It is also recognized that the
useful mechanical properties are obtained in multiphase material known as partially stabilized
zirconia (PSZ). Garvie and Nicholson [43] have demonstrated that a fine-scale precipitate of
monoclinic zirconia in a cubic stabilized matrix enhances the strength of PSZ. Very interested
mechanical properties were discovered in fine-grained tetragonal ZrO2 stabilized with 3 mol%
Y2O3 termed as 3Y-TZP [44, 45]. The macroscopic and microscopic behavior of 3Y-TZP can be
characterized as structural or micrograin superplasticity, according to the definition used by
metallurgists. The 170% elongation reported by Wakai et al. [44] on 3Y-TZP has been considered
as evidence of ceramic superplasticity in the ceramic materials. 3Y-TZP, termed as ‘ceramic steel’
[46, 47], is now considered to be the model ceramic system. The fine grade size leads to a very
dense, non-porous ceramic with excellent mechanical strength, corrosion resistance, impact
toughness, thermal shock resistance and very low thermal conductivity. Due to its characteristics
Y-TZP is used in wear parts, cutting tools and thermal barrier coatings.

Also, electrical properties of 3Y-TZP are very interesting. At moderate temperatures below
970 K the grain interior of Y-TZP has higher conductivity [47, 48] than that of fully (YSZ) or
partially stabilized (PSZ) zirconia [50]. However, the total conductivity of Y-TZP is lower due
to the high contribution of grain boundary resistivity, known as the blocking effect [47, 49]. It
was found that addition of Al2O3 leads considerable reduction of the blocking effect [50].

4.1. Defect structure of YSZ

The defect reactions in the yttria-stabilized zirconia can be written as:

Y2O3 ! 2Y0
Zr þ V••

O þ 3 Ox
O (16)

Ox
O ⇔V••

O þ 2 e0 þ 1
2
O2 (17)

nil⇔ e0 þ h• (18)

The majority defect oxygen in yttria-stabilized zirconia are oxygen vacancies V••
O and yttrium

ions Y3+ (Y0
Zr using defect notation) occupying zirconium positions the electroneutrality con-

ditions is given by:

2 V••
O

� � ¼ Y0
Zr

� �
(19)

Ionic conductivity of ZrO2 + 10 mol% Y2O3, termed as 10YSZ resulting from the Eq. (19) is
illustrated in Figure 8 [51].

Combining Eqs. (16)–(19) we can determine concentration of both electronic defects:
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e0½ � ¼ 2KV

Y0
Zr

� �
( )1=2

p�1=4
O2

(20)

and

h•½ � ¼ K2
i Y0

Zr

� �
2KV

�
( )1=2

p1=4O2
(21)

where KV and Ki are equilibrium constants of reactions (17) and (18), respectively. Depen-
dences of electrons and electron holes conductivities are presented in Figure 8.

The possible minority defects are: zirconium interstitials Zr••••i and zirconium vacancies V 0000
Zr .

They occupy positions in zirconium sublattice and form according to the following reactions:

2Ox
O þ ZrxZr ⇔Zr••••i þ 4e0 þO2 (22)

and

O2 þ 4e0 ⇔ 2Ox
O þ V 0000

Zr (23)

Applying the mass action law to reactions (22) and (23) gives:

Figure 8. Both ionic and electronic components of the electrical conductivity of yttria-stabilized zirconia (10YSZ) in the
range 973–1173 K as a function of pO2

, according to Weppner [51].
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Zr••••i

� � ¼ K22 e0½ ��4p�1
O2

(24)

and

V 0000
Zr

� � ¼ K23 e0½ �4pO2
(25)

where K22 and K23 are the equilibrium constants of reactions (22) and (23), respectively.

4.2. Creep of single crystalline zirconia

Marcartney et al. [52] studied creep of single crystal zirconia stabilized with 12 mol% CaO
within 1623–1723 K. They observed considerable climb and glide formation. Dominguez-
Rodriguez et al. [53–56] examined cubic YSZ (9.4–18 mol% Y2O3) single crystals. The deter-
mined activation energies of the deformation process were 646.4; 800.8 and 944.7 kJ/mol for
9.4, 12 and 18 mol% of yttria, respectively. Lankford [57] studied the deformation of two single
crystals of YSZ containing 2.8 and 12 mol% Y2O3.The temperature range of the experiments
was 296–1423 K. The plastic flow with rapid decrease in strength with increasing temperature
was observed. The deformation was attributed to dislocation activity alone. Corman [58]
examined the creep of single crystal 9.5 mol% yttria partially stabilized zirconia, within tem-
perature range 1923–2123 K and stress from 12.5 to 100 MPa.

The stress exponent, m, and activation energy Q (Eq. (1)) were m = 4 and Q = 436 kJ/mol. This
value is close to the lattice diffusion of Zr (418 kJ/mol). So, he concluded that cation diffusion is
controlled the process deformation.

4.3. Creep of polycrystalline zirconia

The dependence of steady state creep rate, _ε; on stress, σ; temperature, T and grain size, d of
polycrystalline zirconia is given by a general relationship of the form:

_ε ¼ ADGb
kT

b
d

� �p σ
G

� �m
(26)

where A is a dimensionless constant, G is the shear modulus, b is the Burgers vector, k is
Boltzmann’s constant, p and m are constants termed the inverse grain size and stress exponent,
respectively and D is the appropriate diffusion coefficient given by:

D ¼ Do exp � Q
RT

� �
(27)

where Do is a frequency factor, Q is the appropriate activation energy and R is the gas constant.

Creep of polycrystalline zirconia was recently intensively studied. The subjects of interest were
cubic stabilized zirconia, CSZ [59–64], partial stabilized zirconia, PSZ [65–67] as well as tetrag-
onal zirconia polycrystals, TZP [44, 68–73].
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St Jacques and Angers [59] examined zirconia stabilized with 18 mol% CaO in the
temperatre range 1470–1670 K and stress between 3.5 and 27.5 MPa. The parameter m in
Eq. (26) was equal to 1, which suggested diffusionally controlled creep. The detailed study
by Dimos and Kohlstedt [60] on a cubic 25YSZ indicated that the creep is controlled by
the Nabarro-Herring diffusion mechanism with parameters m ≈ 1 and p ≈ 2. Wakai et al.
[61, 63] reported that a stress exponent m ≈ 2 in an 8YSZ. Sharif et al. [64] studying a
static grain growth claimed that cubic zirconia is prone to extensive grain growth.

Evans [66] studied deformation of yttria- and scandia- partially stabilized zirconia, PSZ
(1436 < T < 1808 K; 4.1 < σ < 7.1 MPa). The activation energies were 373 and 360 kJ/mol for
scandia and yttria, respectively, the parameter p = 2 was found, the parameter m was 1.5 for
scandia stabilized zirconia and it assumed two values m = 1 and m = 6 for yttria. Seltzer,
and Talty [67] studied Y-PSZ at high temperatures (up to 2270 K), they found m = 1.5 for
fine-grained samples (d varied from 15 to 20 μm) and activation energy was 531 kJ/mol.
Chevalier et al. [68] studied PSZ materials stabilized by MgO, they concluded that cavita-
tions and microcracking by grain boundary sliding have been identified as the main creep
mechanisms.

Wakai et al. [44] examined creep of 3Y-TZP within temperature range of 1423–1723 K. The
stress exponents m = 1.5 at 1423 K and gradually increased with temperature reaching value
m = 1.9 at 1723 K. The activation energy was 586 kJ/mol. Nauer and Carry [69] investigated
the creep behavior TZP containing 2, 3 and 4 mol% Y2O3. At lower stresses (σ < 10 MPa) the
parameters were: m = 2.4 and p = 1 and activation energy Q = 590 kJ/mol. At higher stresses
ca. 100 MPa, the parameter m = 1. Authors proposed two different deformation regimes: an
interface reaction controlled creep at low stresses and a grain boundary diffusion controlled
creep at high stresses. Lakki et al. [70] studied 2Y-TZP material using two techniques the
creep and the internal friction (it consists on applying a cyclic stress σ = σo cos (ωt) to a
sample and measuring its response in the form of strain, ε). Both techniques provide at low
stresses (< 15 MPa) close values of the activation energies and lead to conclusion that grain
boundary sliding is the main deformation mechanism. Owen and Chokshi [71] and Chokshi
[72] investigated 3Y-TZP. The experimental data over a wide range of stresses revealed a
transition in stress exponent. Deformation at low and high stress regions was associated
with m ≈ 3, p ≈ 1 and m ≈ 2, p ≈ 3, respectively. The activation energy was Q = 550 kJ/mol for
both regions. Authors postulated that the interface reaction is controlled at low stress
region and the grain boundary sliding at high stress region. Ghosh et al. [73] examined
effect of silica additions on creep behavior of 3Y-TZP. The determined results were verified
by tracer diffusion measurements. The creep data at high stresses are consisted with Coble
diffusion and creep at lower stresses is attributed to interface-controlled diffusion mecha-
nism. Addition of silica has only minor effect on both grain boundary and lattice diffusion.
Ghost and Chokshi [74] studied the creep of nanocrystalline 3Y-TZP who obtained results
indicating the same deformation mechanism as for micro-sized materials. Liu et al. [75]
examined creep behavior of zirconia stabilized with 2.5 mol%. They postulated the grain
boundary sliding accompanied by intergranular dislocation due to existence of amorphous
phases.
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5. Summary

The emphasis of this review was to compile existing data in the creep behavior of two types of
oxides: iron-row group M1�yO (M = Ni, Co, Fe) which properties are strongly related with the
oxygen partial pressure (pO2

) dependent departure from stoichiometry (y) and superionic
ZrO2-based materials. Two different approaches to creep methodology are used. In case of the
transition metal oxides such as M1�yO the creep experiments required determination of the
rate deformation ( _ε) as a function σ, T, pO2

and grain size (d) for polycrystalline materials. On
the other hand, the oxide superionics such as stabilized zirconia concentration of ionic defects
( V••

O

� �
) is fixed by the amount used stabilizer (usually Y2O3). Electronic defects (e0 and h•) play

role only in the extremely reduced or oxidizing conditions (usually very hard to achieve
experimentally). Therefore, the creep rate is studied as a function σ, T and d in case of the
polycrystals.

From this review several general trends in creep behavior emerge. Deformation of single
crystals is typically controlled by dislocation glide on the most favorable slip system. On the
other hand, deformation of polycrystalline oxides is controlled by diffusion of the slowest
species along the fastest path, such as through the lattice, along grain boundaries or through
a second phase formed at the grain boundaries. Dislocations play a more or less important role
depending on the specific oxide.

Steady state creep of M1�yO appears to be controlled by oxygen diffusion through either
oxygen vacancies or interstitials. On the other hand in case of stabilized zirconia it is controlled
by cation diffusion (Zr4+ or Y3+). In any cases diffusion, involving both lattice and grain
boundary data are needed to verification of proposed mechanisms. Recently used secondary
ion mass spectrometry (SIMS) is suitable for this purpose [73, 76–78].
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Abstract

Background: Creep-fatigue damage occurs under cyclic loading at elevated temperature.
The existing creep-fatigue models have limited ability to cover the full combination of
creep and fatigue behaviours, except with extensive prior empirical testing. Consequently,
they cannot effectively and efficiently be used for early engineering design.

Approach: We present a strain-based unified creep-fatigue formulation that overcomes
these limitations. We validate this equation against empirical data for multiple materials,
and shows it is able to cover full ranges from pure fatigue to pure creep. A simplified
formulation is developedwhere the coefficients are extracted through simple creep-rupture
tests. We show how the equation may be used in a design situation, by application to a
representative gas turbine blisk. Included here is a demonstration of how the equation may
be integrated into finite element analysis, which is an important practical consideration in
the design work flow.

Outcomes: The results demonstrate that the unified equation evidences fidelity to
empirical data for creep-fatigue behaviours for multiple metallic materials. The useful-
ness of this equation is the ability to identify candidate materials for creep-fatigue
loading situations. The ability to achieve this at relatively early design stages is advan-
tageous because of the economy and convenience provided.

Keywords: creep-fatigue, accuracy, economy, engineering design, turbine blisk

1. Introduction

Creep-fatigue failure results from the interaction of pure fatigue and creep, and is influenced
by temperature, frequency and applied loading. The conventional strain-based creep-fatigue
equations are quantitatively accurate in narrow areas of application, but suffer from poor
ability to generalize to other materials and loading regimes. Consequently, those equations
are ineffective and inefficient for engineering design. A recent development in the field is a
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unified formulation of creep-fatigue. The advantages of this unified creep-fatigue equation are
that it accommodates the crucial parameters (temperature, frequency and loading), covers
different materials, represents the full range of conditions from pure fatigue to pure creep and
is economical in the testing regime to determine coefficients. This chapter describes the unified
creep-fatigue equation and applies it to design. The theory can be applied to evaluate the
fatigue capacity of candidate materials at the early stages of design.

2. Desirable characteristics of a creep-fatigue method for design

For the perspective of engineering design, the development of a creep-fatigue method should
consider following four areas:

2.1. Unified characteristic

The unified characteristic is defined as the ability to predict fatigue life for multiple tempera-
tures and cyclic times for multiple materials. In this case, the desirable formulation should
accommodate all relevant variables (including temperature, cyclic time and applied loading),
and should present small difference between predicted life and experimental result under
multiple situations.

2.2. Integrated characteristic

The integrated characteristic refers to the ability to cover full range of conditions from pure-
fatigue condition to pure-creep condition. In this case, the desirable formulation should have
the ability to be transformed to the representations of pure fatigue and pure creep, and the
transformed formulations should be consistent with the general understanding of fatigue and
creep mechanisms.

2.3. Economy

A desirable engineering method for fatigue-life prediction should present good balance
between accuracy and economy. The economy of this theory can be assessed by evaluating
the life-prediction error with overall experimental cost. Generally, the higher sensitive a
numerical formulation has, the more experimental data are needed and the poorer economy
is presented.

2.4. Applicability to engineering design

An engineering-based creep-fatigue method should be effectively and efficiently applicable to
practical design process, where an economical, convenient and accurate method is represented
to engineers and designers. Such as, the creep-fatigue evaluation by using this formulation is
applied to the initial stage of design to select material or optimize structure.

Overall, a desirable creep-fatigue formulation for engineering design should have unified and
integrated characteristics, and present good economy and applicability to practical design.
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3. Brief review of existing creep-fatigue models

Creep-fatigue behavior is generally influenced by temperature and frequency/cyclic time,
wherein increasing temperature or decreasing frequency results in reduced fatigue capacity
due to intensified creep damage. Normally, the existing creep-fatigue equations were derived
from empirical data through curve fitting, and present the extension of the Coffin-Manson
equation (Eq. (1)) [1, 2]:

Δεp=2 ¼ ε0f 2Nf
� �β (1)

where Δεp is the plastic amplitude, ε0f is the fatigue ductility coefficient, β is the fatigue ductility

exponent and Nf is the cycles to failure. The development of creep-fatigue model was firstly
attempted by Coffin, who proposed the frequency-modified Coffin-Manson equation (Eq. (2)) [3]:

εp ¼ C Nf f
k�1

� ��β0
(2)

where f is the frequency and k is a constant obtained from experiments and is given different
values for different temperatures (temperature dependency is indirectly introduced). Then,
through directly integrating with temperature dependence, the frequency-modified Coffin-
Manson equation (Eq. (2)) was further developed to show the combined influence of temper-
ature on creep-fatigue. For example, Solomon proposed a creep-fatigue equation (Eq. (3)) [4]
for Sn40Pb solder:

εp ¼ C1 Tð Þ Nf f
k�1

� ��β0
(3)

with

C1 Tð Þ ¼ 1:338� 2� 10�4T � 1� 10�5T2 � 2� 10�7T3

where T is the temperature, βo = 0.5 and k is the constant and related to the frequency: k =�0.42
for 6 � 10�5 Hz ≤f ≤ 3 � 10�4 Hz and k = �0.84 for 3 � 10�4 Hz ≤f ≤ 0.3 Hz. In addition, based
on the creep-fatigue tests on 63Sn37Pb solder, Shi et al. presented a creep-fatigue formulation
(Eq. (4)) [5]:

εp ¼ C2 Tð Þ Nf f
k Tð Þ�1

h i�β0 Tð Þ
(4)

with

C2 Tð Þ ¼ 2:122� 3:57� 10�3T þ 1:329� 10�5T2 � 2:502� 10�7T3

β0 Tð Þ ¼ 0:731� 1:63� 10�4T þ 1:392� 10�6T2 � 1:151� 10�8T3

k1 Tð Þ ¼ 0:919� 1:765� 10�4T � 8:634� 10�7T2

k2 Tð Þ ¼ 0:437� 3:753� 10�4T � 8:04� 10�7T2
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where k1(T) and k2(T) are the frequency-exponent functions for 10�3 Hz < f < 1 Hz and
10�4 Hz < f < 10�3 Hz, respectively.

Not all strain-based creep-fatigue models follow the pattern of the frequency-modified Coffin-
Manson equation. For example, Jing et al. proposed a temperature-modified Coffin-Manson
equation (Eq. (5)) [6], wherein the temperature dependence is incorporated into the coefficient
and exponent of the Coffin-Manson equation, respectively.

Δεp=2 ¼ C3 2Nf
� �β (5)

with

C3ðTÞ ¼ 68:79� 0:34T þ 250:56=
ffiffiffiffi
T

p

βðTÞ ¼ 1:29� 0:0053T þ 2:5=
ffiffiffiffi
T

p

In addition, the creep-fatigue model (Eq. (6)) [7] developed by Engelmaier presents the influ-
ence of both temperature and frequency on creep-fatigue, where a logarithmic relationship
between temperature and frequency is included.

εp ¼ C4Nf
�β0 T;fð Þ (6)

with

β0 T; f
� � ¼ 0:442þ 6� 10�4T � 1:74� 10�2ln 1þ 43200fð Þ

where T is the mean temperature and f is the cyclic frequency (1 ≤ f ≤ 1000 cycles/day).

Besides temperature and frequency, applied loading also contributes to creep damage. This
factor was considered by Wong and Mai, and then they proposed a unified creep-fatigue
equation (Eq. (7)) [8] which accommodates temperature, frequency and applied loading.

εp ¼ C0s σð Þc T; fð ÞNf
�β0b T;fð Þ (7)

with

s σð Þ ¼
1 when creep is dormant

exp � σyieldεn
0

p

� �
=A

h i
when creep is active

8<
:

c T; fð Þ ¼ 1� c1 T � Tref
� �� c2 log f =f ref

� �

b T; fð Þ ¼ 1� b1 T � Tref
� �� b2 log f =f ref

� �

where n’ is the cyclic hardening index, A, c1, c2, b1 and b2 are the positive constants, Tref is the
reference temperature below which creep becomes dormant and fref is the reference frequency
above which creep becomes dormant.
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Overall, the existing creep-fatigue formulations were developed through limited empirical
data for specific materials, and not all models accommodate both temperature and frequency
dependencies. Consequently these derivations and models may not be extended to predict
fatigue life for multiple temperatures, frequencies or different materials, thus cannot present a
unified characteristic. Theoretically, the existing models may show the unified characteristic by
recalculating the coefficients for each new material encountered. However, this would merely
provide a numerical model without a fundamental physical theory. Furthermore such an
approach would be poor economy due to the empirical effort involved.

In addition, these existingmodels only describe creep-fatigue behavior, and cannot cover the full
range of conditions from pure fatigue to pure creep. Taking Solomon’s equation as an example,
the pure-fatigue condition is presented by letting C1(T)f

β(1� k) =C0. When the extreme frequency
is imposed, f!∞, the functions C1(T) becomes infinitely small, which causes T!∞. This does not
agree with the general understanding of pure fatigue, where the temperature should be lower
than 35% of themelting temperature [9]. The pure-creep condition is presented by putting ε p = 0.
This is satisfied by letting C1 = 0, which returns T = 172�C. This implies creep-rupture only occur
when the temperature closes tomelting temperature (186�C for 60Sn40Pb), which does not agree
with general understanding that creep is active at much lower temperature [9].

Furthermore, the existing creep-fatigue equations were derived from the method of curve
fitting, where more coefficients were introduced to achieve high quality of fitting to empirical
data. When these models are applied to describe creep-fatigue behavior for another material, a
large amount of empirical effort is involved to get high fitting accuracy. In this case the out-
comes are strongly sensitive to the quality and quantity of empirical data.

Finally, per Section 2, these disadvantages are significant in the case of engineering design,
where decisions (such as material selection) must be made on incomplete information. Conse-
quently, the existing methods are often not applicable to practical design process except in
narrowly defined areas.

These limitations have been recently improved by the strain-based unified creep-fatigue equation
[10, 11]. The next sections describe the advantages of this new model, and present a case study
illustrating its applicability to engineering design.

4. Description of the strain-based unified creep-fatigue equation

The strain-based unified creep-fatigue equation (Eq. (8)) [10, 11] is based on the underlying
physical mechanisms of fatigue and creep. It provides a linear relationship between tempera-
ture and applied loading, based on the observation of creep-diffusion phenomenon [12], and it
includes a power-law relation between number of cycles and applied loading which is consis-
tent with crack-growth behavior [13]. Structurally, this formulation presents an extension of
the Coffin-Manson equation, and the creep effect is numerically incorporated based on the
concept of fatigue capacity. This equation includes the variables of temperature, cyclic time and
applied loading, and proposes that the full fatigue capacity is gradually consumed by the
elevated temperature and prolonged cyclic time. The strain form is:
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εp ¼ C0c σ;T; tcð ÞN�β0 (8)

with

c σ;T; tcð Þ ¼ 1� c1 σð Þ T � Tref
� �� c2 log tc=tref

� �

T � Tref ¼
T � Tref for T ≥Tref

0 for T ≤Tref

8<
:

tc=tref ¼
tc=tref for tc ≥ tref

1 for tc ≤ tref

8<
:

where εp is the plastic strain, N is the creep-fatigue life, T is the temperature, tc is the cyclic
time, Tref is the reference temperature and is defined as 35% of melting temperature where the
creep is active [9], tref is the reference cyclic time and is suggested as a small value, C0 and β0 are
the constants which reflect the full fatigue capacity and c1(σ) and c2 are the creep-related
function and constant, respectively.

Function c1(σ) and constant c2 are derived from creep-rupture tests which give the relationship
of the Manson-Haferd parameter [14] against applied loading (σ), and the convergence point
(logta, Ta) of all logt-T lines at different stresses. Then, the pure-creep condition (εp = 0) gives the
formula of constant c2 (Eq. (9)) through letting T = Tref, and suggests function c1(σ) (Eq. (10))
through letting tc = tref.

c2 ¼ 1
log ta=tref
� � (9)

c1 σð Þ ¼ � c2
PMH σð Þ (10)

For the same amplitude of applied loading, the creep damage caused by constant stress is
significantly larger than the damage resulting from reversed loading [15], thus a moderating
factor fm is introduced to compress the constant stress, then this presents an equivalent creep
damage for the cyclic situation. This moderating factor is determined by the shape of loading
wave, and is defined as the ratio of the average level to the peak value of applied cyclic
loading. In this case, fm is normally given as 0.6366 for the sinusoidal wave and 0.5 for a
triangular wave. Then, with the strain-stress relation, function c1(σ) is converted into the form
in terms of plastic strain (Eq. (11)):

c1 σð Þ ¼ � c2
PMH σð Þ ! � c2

PMH εPð Þ ¼ � c2
PMH fm∙K T; tcð Þ∙εPn T;tcð Þ� � (11)

where K(T, tc) and n(T, tc) are the strength coefficient and strain hardening exponent for cyclic-
loading situation, respectively, and they are functions of temperature and cyclic time.
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Finally, creep-fatigue data are applied to obtain the magnitudes of C0 and β0 through minimiz-
ing the error (Eq. (12)) between the predicted creep-fatigue life (Npre, ij) and experimental
results (Nexp, ij):

error ¼
X
i, j

logNpre, ij � logNexp , ij
� �2 (12)

5. Evaluation of creep-fatigue models for design

Next we show that the strain-based unified creep-fatigue equation is applicable to multiple
situations, covers the full range of fatigue-to-creep, and provides an economical method for
engineering design. Comparing with the existing models, this new model shows significant
advantages on these three areas.

5.1. The unified characteristic

Generally, the existing creep-fatigue models shown in Section 3 present good ability of
fatigue-life prediction in the field where they were derived. However, the accuracy reduces
when these models are extended to other materials at multiple temperatures and cyclic
times. This limitation is improved by the strain-based creep-fatigue equation, which presents
a general formulation based on physical mechanisms of fatigue and creep. Theoretically, the
existing creep-fatigue models may also present unified characteristic through recalculating
the coefficients for different materials, but the economy becomes poor which is not desired
for engineering design.

The unified characteristic for the strain-based unified creep-fatigue equation is validated
on multiple materials (including low melting temperature material: 63Sn37Pb solder,
and high melting temperature materials: stainless steel 304, Inconel 718 and GP91 casting
steel) at multiple temperatures and cyclic times. The coefficients of the unified formulation
for these materials are obtained by the method shown in Section 4, and the results are
presented below.

5.1.1. 63Sn37Pb solder

The coefficients of the unified formulation for 63Sn37Pb solder is shown in Table 1 based on
the creep-rupture data [16] and creep-fatigue data [5]. This material was validated in our
previous research [11], but the coefficients are recalculated here since the derivation method
was further improved in the present work.

C0 β0 c2 Tref (K) tref (s) fm Convergent point Average error

7.894 0.825 0.1215 160 1 0.6366 (160 K, 8.232) 0.003301

c1(σ) 9.9586� 10�4 + 1.01122� 10�4 ∙ fm ∙σ + 8.09657� 10�7 ∙ fm
2 ∙σ2

Table 1. Coefficients of the unified formulation for 63Sn37Pb solder.
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5.1.2. Stainless steel 304

The coefficients of the unified formulation for stainless steel 304 is shown in Table 2 based on
the creep-rupture data [17] and creep-fatigue data [18].

5.1.3. Inconel 718

The coefficients of the unified formulation for Inconel 718 is shown in Table 3 based on the
creep-rupture data [19] and creep-fatigue data [20].

5.1.4. GP91 casting steel

The coefficients of the unified formulation for GP91 casting steel is shown in Table 4 based on
the creep-rupture data [21] and creep-fatigue data [22].

The validation on the above four materials shows that the strain-based unified creep-fatigue
equation has the ability to cover multiple materials and presents good fatigue-life prediction at
multiple temperatures and cyclic times. Structurally, Wong and Mai’s equation also provides a
general form, thus may have chance to present unified characteristic. In particular, the coeffi-
cients are not fixed across multiple materials, hence have to be determined in each case. The
investigation indicates that Wong and Mai’s equation presents smaller average errors on the
materials of 63Sn37Pb solder (0.000284), stainless steel (0.002810) and Inconel 718 (0.001585)
than the unified formulation. Normally, the equation with more coefficients has better fitting
for empirical data. This is the main reason for smaller average error shown by using Wong and
Mai’s equation.

C0 β0 c2 Tref (K) tref (s) fm Convergent point Average error

0.8524 0.578 0.0666 600 1 0.5 (600 K, 15.01) 0.004257

c1(σ) 8.5843� 10�4 + 9.74017� 10�6 ∙ fm ∙ σ� 1.86542� 10�8 ∙ fm
2 ∙σ2

Table 2. Coefficients of the unified formulation for stainless steel 304.

C0 β0 c2 Tref (K) tref (s) fm Convergent point Average error

0.6879 0.667 0.0547 610 1 0.6366 (610 K, 18.28) 0.00876

c1(σ) 9.51808� 10�4 + 1.20344� 10�5 ∙ fm ∙ σ� 1.75045� 10�8 ∙ fm
2 ∙σ2

Table 4. Coefficients of the unified formulation for GP91 casting steel.

C0 β0 c2 Tref (K) tref (s) fm Convergent point Average error

0.5658 0.608 0.0782 560 1 0.6366 (560 K, 12.78) 0.008643

c1(σ) 2.7679� 10�3� 4.12347� 10�6 ∙ fm ∙σ + 3.91221� 10�9 ∙ fm
2 ∙σ2

Table 3. Coefficients of the unified formulation for Inconel 718.
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Theoretically, the equations of Coffin’s, Solomon’s, Shi’s, Engelmaier’s and Jing’s may also have
opportunity to present the unified characteristic through transforming them into general
formulations. For example, Solomon’s equation is rewritten as:

εp ¼ C1 Tð Þ Nf f
k�1

� ��β0
(13)

with

C1 Tð Þ ¼ aþ bT þ cT2 þ dT3

where a, b, c, d, k and β0 are the constants obtained from experiments. Then, this modified
formulation gives small errors (such as 0.000529 for 63Sn37Pb and 0.00103 for stainless steel
316), and even present better fatigue-life prediction than the unified formulation at some
situations.

However, we cannot conclude that Wong and Mai’s equation and those modified formulations
are better than the strain-based unified creep-fatigue equation. To be specific, it is significant
that Wong and Mai’s equation and those modified formulations are introduced as many as
coefficients to get good quality of fitting (such as seven independent coefficients for Wong and
Mai’s equation), thus the representation of creep-fatigue behavior is a numerical-based method
and the accuracy highly relies on the number of empirical data. This means that more empir-
ical data gives more accurate prediction, and thus poor economy is presented. However, only
two independent coefficients in the unified formulation are derived by curve fitting. This
implies less experimental effort is needed, and then a more economical method for fatigue-life
prediction is given. This will be discussed in Section 5.3.

Overall, comparing with other existing creep-fatigue models, the strain-based unified creep-
fatigue equation provides a better method for fatigue-life prediction at multiple situations,
wherein the small average errors are given and the unified characteristic is proved.

5.2. The integrated characteristic

The integrated characteristic refers to the ability to cover full range of conditions from pure-
fatigue condition to pure-creep condition. According to the concept of fatigue capacity, the full
fatigue capacity (the pure-fatigue condition) is continuously consumed by the increasing creep
effect to the condition of creep-fatigue, and finally to the pure-creep condition as the fatigue
capacity is completely consumed. The comparison between different creep-fatigue models on
the integrated characteristic is collected in Table 5 [23].

Normally, the creep effect presents the dependence on temperature, cyclic time and applied
loading, thus the creep-fatigue model should accommodate these relevant variables to show a
good description of creep-fatigue. However, creep effect in the existing creep-fatigue models
shown in Section 2 cannot be totally presented, specifically, only the temperature and cyclic time
are included into the equations proposed by Solomon, Shi et al., and Engelmaier, only the cyclic
time is presented in Coffin’s equation and only the temperature is shown in Jing’s equation.
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While, Wong and Mai’s equation and the unified formulation accommodate these three vari-
ables, thus they are believed to have a better fatigue-life prediction at the creep-fatigue condition
(accuracy has been shown in Section 5.1). Further investigation of stress-related functions in
these two equations shows that function c1(σ) in the unified formulation is directly derived from
creep-rupture behavior, but is not for Wong and Mai’s equation. Therefore, the strain-based
unified creep-fatigue equation theoretically has better presentation of creep effect.

In addition, a good creep-fatigue equation also should be capable of covering two ends of creep-
fatigue condition: pure-fatigue condition and pure-creep condition. However, the equations
proposed by Coffin, Solomon, Shi et al., Jing, Engelmaier, and Wong and Mai do not totally
satisfy this condition. On the one hand, the condition of pure fatigue is presented by letting
C1(T)f

β(1� k) =C0(C0 is the ductility coefficient at pure-fatigue condition) for Solomon’s equation,
C2(T)f

β[1� k(T)] =C0 for Shi’s equation and β0 T; f
� � ¼ β0 (β0 is the ductility exponent at pure

fatigue condition) for Engelmaier’s equation. When the extreme frequency is imposed, f!∞,
the functions Ci(T) and β0 T; f

� �
become infinitely small, which causes T!∞. In addition, the

temperature component is not shown in Coffin’s equation, thus the activation of creep effect in
terms of temperature is ignored in this equation. These do not agree with the general under-
standing of pure fatigue, where the temperature should lower than 35% of melting temperature
[9]. For Jing’s equation, the derivation of function C3(T) is based on the material of 80Au/20Sn
solder, thus a low temperature (where the creep effect is dormant) may return a reasonable
value to describe full fatigue capacity. While, when this equation is applied on steel, function
C3(T) yields to an impossible negative value since the temperature at the pure-fatigue condition
is much higher than the situation for solder. However, the pure-fatigue condition can be well-
presented by both Wong & Mai’s equation and the strain-based unified creep-fatigue equation
through letting T = Tref and t = tref, where they can be restored to the Coffin-Manson equation.

On the other hand, the condition of pure creep is presented by letting εp = 0. This condition
cannot be satisfied by the equation of Coffin, because the coefficient C and exponent β0 are
constant, which leads to impossible zero time or zero frequency. In addition, for the equation of

Creep-fatigue models Pure fatigue Creep-fatigue Pure creep

Coffin’s equation (Eq. (2)) X √ X

Solomon’s equation (Eq. (3)) X √ X

Shi’s equation (Eq. (4)) X √ X

Jing’s equation (Eq. (5)) X √ X

Engelmaier’s equation (Eq. (6)) √ √ X

Wong & Mai’s equation (Eq. (7)) √√ √√ X

Unified creep-fatigue equation (Eq. (8)) √√ √√ √√

√√: This equation can well describe the phenomena of this condition.
√: This equation can partly describe the phenomena of this condition.
X: This equation cannot describe the phenomena of this condition.

Table 5. The capacity of integrated characteristic.
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Engelmaier, the pure-creep condition is satisfied by letting β0 T; f
� �!+∞, which implies T!+∞.

The pure-creep condition for the equations proposed by Solomon, Shi et al. and Jing et al. is
satisfied by letting C1 = C2 = C3 = 0, which returns T = 172, 198 and 249�C, respectively. The
Solomon’s and Jing’s equations imply that creep-rupture only occur when the temperature
closes to melting temperature (186�C for 60Sn40Pb solder and 280�C for 80Au/20Sn solder),
while Shi’s equation suggests that creep-rupture only occur above melting temperature
(183�C). The creep activation temperatures obtained from these four creep-fatigue equations
do not agree with general understanding of creep, where creep is active at 35% of melting
temperature. Although Wong and Mai’s equation has a good description for pure fatigue, it
cannot present pure-creep condition entirely. This is because letting s(σ)c(TR, fR) = 0 cannot
deduce any well-known time-temperature parameters, such as the Larson-Miller parameter
[24], the Sherby-Dorn parameter [25] and the Manson-Haferd parameter [14]. However, the
Manson-Haferd parameter can be well-presented through letting c(σ,T, tc) = 0 for the strain-
based unified creep-fatigue equation.

Overall, comparing with other existing creep-fatigue models, the strain-based unified creep-
fatigue equation can cover the full range of conditions from pure fatigue to pure creep. Specif-
ically, this equation has capability to model pure fatigue at c(εp,T,tc) = 1 where this equation is
restored to the Coffin-Manson equation, model pure creep-rupture at c(εp,T,tc) = 0 where this
equation is transformed to the Manson-Haferd parameter, and model creep-fatigue damage at
0 ≤ c(εp,T,tc) ≤ 1 where the creep effect is influenced by temperature, cyclic time and applied
loading.

5.3. The economy

Engineering design of fatigue-life evaluation always requires good performance on both accu-
racy and economy [26]. The accuracy has been shown in Section 5.1 and the economy will be
discussed in this section, where Wong and Mai’s equation is select to compare with the strain-
based unified creep-fatigue equation in terms of economy. The results show that the unified
formulation provides a more economical method for fatigue-life prediction because the mini-
mum experimental effort is involved.

Normally, the accuracy to predict or fit a distribution (or a trend) by a numerical formulation
partly depends on the number of coefficients, which implies that the formulation with more
coefficients presents better fitting [27]. However, this factor is not isolated, and is strongly
related to the number of data points. Specifically, the more coefficients are introduced, then the
more data points are needed to pick up, and then the better fitting can be gotten. This does not
mean that a good formulation should contain as many as coefficients because this may lead to
redundancy on the empirical effort. Therefore, is very important for deriving a formulation to
keep a good balance between accuracy and consumption. In this case, the strain-based unified
creep-fatigue equation satisfies this requirement.

As mentioned in Section 5.1, Wong and Mai’s equation has seven independent coefficients
which are totally obtained through numerical method, but only two independent coefficients
are included in the unified formulation. This suggests that more empirical data are needed to
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give better fitting for Wong &Mai’s equation, but this result in poor economy since performing
a large number of creep-fatigue experiments is expensive and time-consuming. This signifi-
cantly is not a good choice for engineering design due to the undesirable high cost. However,
when less creep-fatigue tests are involved to control the total cost, the accuracy for fatigue-life
prediction remarkably reduces. This limitation is improved by using the strain-based unified
creep-fatigue equation, where a better balance between accuracy and economy is given. The
comparison between Wong and Mai’s equation and the unified formulation on the accuracy of
prediction in terms of empirical-data number is shown in Table 6, where the materials of
63Sn37Pb and stainless steel 304 are investigated.

Taking 63Sn37Pb solder as an example, Table 6 shows that Wong and Mai’s equation
gives better accuracy on fatigue-life prediction than the unified formulation when all eight
groups of creep-fatigue data are imposed, wherein the average errors are 0.000284 for
Wong and Mai’s equation and 0.003301 for the unified formulation. Then, three groups of
creep-fatigue data (T = 233 K, tc = 1 s; T = 298 K, tc = 10s; T = 298 K, tc = 1000s) were
selected to extract the coefficients, and the numerical method still yields to quite small
errors for fitting. However, when Wong and Mai’s equation with the coefficients obtained
at this stage is extended to predict fatigue life at total eight creep-fatigue situations, a poor
accuracy is given, where the average error dramatically worsens to 0.2445 from 0.000284.
This undesirable result is significantly improved by the strain-based unified creep-fatigue
equation, wherein the difference between the average errors of fatigue-life prediction
under two situations is very small (specifically, 0.003301 for the coefficients obtained from
eight groups of creep-fatigue data and 0.00355 for the coefficients obtained from three
groups of data). This implies that less creep-fatigue experiments may be involved to
obtain the coefficients of the unified formulation, and the accuracy of fatigue-life predic-
tion by using Wong and Mai’s equation is more sensitive on the number of empirical data.
Consequently, the unified equation provides a more economical method for engineering
design because of the reduced number of creep-fatigue experiments. This result is further
demonstrated by the material of stainless steel 304, and the average errors under two
situations are shown in Table 6.

Overall, it is clear that the better fatigue-life prediction provided by Wong and Mai’s equation
(also other modified formulations from the original equations of Coffin’s, Solomon’s, Shi’s,
Engelmaier’s and Jing’s) is obtained through sacrificing economy. However, the strain-based

Materials Number of data to derive coefficients Average errors on predict fatigue life

Wong & Mai’s equation Unified creep-fatigue equation

63Sn37Pb 8 groups of data 0.000284 0.003301

3 groups of data 0.2445 0.00355

Stainless steel 304 7 groups of data 0.002810 0.004257

3 groups of data 0.4684 0.007199

Table 6. Accuracy of prediction in terms of empirical-data number.
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unified creep-fatigue equation provides a more practical method of fatigue-life evaluation for
engineering design, wherein a good balance between accuracy and economy is achieved.

The research conducted by Manson indicated that the Coffin-Mansion equation can be modi-
fied to a universal slops formulation (Eq. (14)) through introducing the ductility (D) based on
the observation of 47 materials [28]:

Δεp ¼ 0:547D0:43Nf
�0:5 (14)

Significantly, the coefficients of this equation can be directly derived from material properties,
thus no fatigue test is involved. This remarkably reduces the cost spent on experiments, and
thus could be introduced to simplify the unified creep-fatigue equation to eliminate creep-
fatigue test. According to the empirical data on the materials of Stainless steel 316, Stainless
steel 304, Inconel 718 and GP91 casting steel, the simplified formulation is presented as
(Eq. (15)):

Δεp ¼ 0:8965D0:3998c σ;T; tcð ÞNf
�0:629 (15)

This simplified form provides an easy way to extract the coefficients without any creep-fatigue
tests, and only creep-rupture tests are needed. Therefore, a more economical method of
fatigue-life prediction is proposed. This formulation could be further modified and improved
if more materials are investigated. However, the solder materials are not included in this
simplified form because solder materials present quite different material properties from
carbon-based materials, where they has more significant deformation at break and higher full
fatigue capacity [29, 30]. Therefore, the solder materials should be separately discussed to
develop a simplified formulation.

6. Design application: case study for gas turbine blisk

Evaluation shown in Section 5 indicates that the strain-based unified creep-fatigue equation
presents good characteristics on unifying, integration and economy. This provides an effec-
tive and efficient creep-fatigue method for engineering design at initial stage, such as mate-
rial selection, structure optimization and boundary-condition determination. Generally,
during the process of design, the coefficients of this unified formulation can be extracted
through minimum experimental effort. Then, the coefficients can be applied to numerically
evaluate creep-fatigue under service condition. In addition, finite element analysis (FEA) is
frequently applied to conduct numerical analysis of creep-fatigue in different engineering
components, such as heat exchanger [31, 32], turbine blade [33–35] and electronic package
[36, 37]. In this case, the coefficients obtained from the unified equation also can be imported
into FEA software to reduce the complexity of analysis.

A gas turbine blisk works under high temperature, and experiences repeated starting up and
shutting off. This is a typical creep-fatigue situation, where damage is caused by the combination
of creep effect and fatigue effect. In this case study, the theory of highly accelerated life test is
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accepted to make a selection of material. In particular, the strain-based creep-fatigue equation is
used to obtain the creep-fatigue-related parameters for the evaluation of creep-fatigue damage.

6.1. Methodology for fatigue-based design

This case study is based on the theory of highly accelerated life test, which is used at the initial
stage of design to improve the reliability of product, such as the selection of material, the
optimization of structure, and the decision of manufacturing processes. Normally, the acceler-
ated life test is done through intensifying the influence of stress-related factors on life. There-
fore, the prediction of fatigue life and creep-rupture time in this case study cannot present the
real value for the failure at the operation condition, but can provide effective guidance for
engineering design, for example, differentiating between different candidate solutions.

6.1.1. Loading characteristics

Generally, the total damage is accumulated by the fatigue damage caused by repeated process
of starting up and shutting off, the creep damage due to elevated temperature and the damage
results from vibration. Therefore, the creep-fatigue evaluation based on each operational unit
is divided into three parts: regular-loading fatigue partition (repeated process of starting up
and shutting off), creep partition (elevated temperature) and irregular-loading partition (vibra-
tion) (Figure 1).

The partition which includes vibration is not considered because the amplitude of this
irregular-loading is so small that can be ignored. Therefore, this evaluation focuses on the
regular-loading partition and creep partition. The fatigue damage is caused by the repeated
process of starting up and shutting off, and the maximum loading appears at the 100%
rotational velocity. The waveform for the loading is triangular. The cyclic time is arbitrarily

Figure 1. The partition of creep-fatigue.
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defined as 1 s, which is also defined as the reference cyclic time for the strain-based creep-
fatigue equation. Significantly, this small cyclic time is much smaller than the real situation,
where the gas turbine blisk is impossible to start up and then shut off within 1 s. However, the
choice of frequency does not influence the result of stress/strain distribution for FEA. In
addition, the constant loading for creep damage at elevated temperature is defined as the
applied loading at the maximum rotational velocity.

6.1.2. FEA approach

FEA methods such as ANSYS can accommodate creep, fatigue and creep-fatigue but only with
data. Normally, FEA-based creep-fatigue evaluation [33, 34, 38] is based on the exploration of
creep and fatigue behavior by experiments, where the relationships of creep strain versus time
and applied loading versus fatigue life are imported into FEA software as engineering data to
simulate creep-fatigue behavior. Then, the simulation is conducted under cyclic loading and
elevated temperature. Generally, this is a complex process. This is firstly because the amount of
empirical experiment required, especially the need to redo the creep test when the applied
loading is changed. In addition, the introduction of a creep effect may result in non-
convergence for FEA, and then the analysis settings may need to be repeatedly modified to
get solution convergence. This makes it difficult to apply FEA to early design stages where the
creep-fatigue material properties are not yet established empirically.

However, the complexity can be improved through using the strain-based unified creep-fatigue
equation (Eq. (8)). Specifically, this new formulation is used to get the creep-fatigue-related
coefficients under the service condition, then these coefficients are introduced into FEA as the
engineering data. The key concept is that equation provides a method to transfer the creep effect
into the creep-fatigue-related coefficients. Therefore, FEA can be conducted without the need to
obtain explicit creep data. This significantly reduces the complexity of simulation. This process of
substitution is described below.

The process is that the unified equation gives the creep-fatigue-related coefficients for the
candidate materials under consideration. Then, the coefficients were input into ANSYS as
engineering data to evaluate fatigue life. The next stage was to take the maximum stress and
strain obtained from FEA and substitute into Morrow’s equation. This provides another esti-
mate of the fatigue life. Finally, the results obtained by the two methods were compared, and
design implications identified. The FEA stress and strain results were also used to evaluate the
creep damage using the Manson-Haferd parameter. This gives an estimate of the creep-rupture
time for the creep part of the loading. The evaluation was conducted on Inconel 718 and GP91
casting steel, and the ideal material should have good performance on both fatigue and creep.

6.2. Selection of material

6.2.1. Geometry

The geometry (Figure 2) of gas turbine blisk was structured by Solidworks [39], and one of
blades was selected to conduct FEA by using ANSYS WORKBENCH. The key dimension is
shown in Table 7.
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6.2.2. Service condition

The turbine blisk is working under cyclic loading and elevated temperature, and the service
condition is tableted in Table 8:

6.2.3. Coefficients for creep-fatigue condition and material properties

According to the coefficients of the strain-based unified creep-fatigue equation for the mate-
rials of Inconel 718 shown in Table 3 and GP 91 casting steel shown in Table 4, the fatigue-
related coefficients at 811 K which can be input into ANSYS as engineering data are presented
in Table 9:

In addition, the material properties of Inconel 718 [40] and GP91 casting steel [22] at 811 K are
shown in Table 10:

6.2.4. Loading

The centrifugal force, tangential force and axial force to blades are the main loadings which
cause creep-fatigue damage at elevated temperature during the repeated process of starting up
and shutting off. The maximum loading is calculated at the situation of 100% rotational
velocity.

Figure 2. Geometry.

No. Items Dimensions

1 R1 (the distance from center to tip of the blade) 469 mm

2 R2 (the distance from center to root of the blade) 295 mm

3 Number of blades 24

4 The outlet anger for mean cross section 30�

5 The area of mean cross section 3036.45 mm2

Table 7. Key dimension of geometry.

Rotational velocity (n) Temperature (T) Mass flow rate ( _M ) Nozzle angle (α)

3000 rpm 811 K (538�C) 31.6 kg/s 14�

Table 8. Service condition.
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6.2.4.1. Centrifugal force

The centrifugal force can be obtained through Eq. (16) [35]:

Fc ¼ 0:5ρAω2 R1
2 � R2

2� �
(16)

where Fc is the centrifugal force, ρ is the density, A is the area of cross section and ω is the
rotational velocity in rad/s. With the rotational velocity (3000 rpm), the magnitude of ω is
given by Eq. (17):

ω ¼ 2πn=60 ¼ 2π� 3000=60 ¼ 314:2 rad=s (17)

Then, the centrifugal force is presented by Eq. (18):

Fc ¼ 0:5� 8220� 0:00303645� 314:22 � 0:4692 � 0:2952
� � ¼ 163780:776 N (18)

6.2.4.2. Tangential force and axial force

The tangential force and axial force are calculated through velocity triangle (Figure 3) [33],
which is a well-accepted method for the force calculation of blade.

The mean cross section is selected to calculate the tangential force and axial force, and the
results in velocity triangle are shown in Table 11.

Then, the tangential force (Ft) is give as (Eqs. (19) and (20)):

Ft ¼ _MΔvx ¼ 31:6� 240:1667þ 236:17ð Þ ¼ 15052:23972 N (19)

Ft=blade ¼ 15052:23972=24 ¼ 627:177 N (20)

and the axial force (Fa) is presented as (Eqs. (21) and (22)):

Materials Strain-life relation Δεp/
2 =C(2Nf)

β
Stress-life relation Δσ/
2 =σ(2Nf)

b
Strain–stress relation Δσ/2 =K
(Δεp/2)

n

C β σ b K n

Inconel 718 0.4828 �0.636 851.6 �0.09178 946 0.1443

GP91 casting steel 0.5093 �0.662 382 �0.0422 398.5 0.0638

Table 9. The creep-fatigue-related coefficients for Inconel 718 and GP91 casting steel.

Material Density (kg/m3) Yield stress (MPa) Tensile stress (MPa) Young’s modules (MPa)

Inconel 718 8220 1069 1276 179,000

GP91 casting steel 7700 342 402 161,500

Table 10. Material properties of Inconel 718 and GP91 casting steel.
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Fa ¼ _MΔvy ¼ 31:6� 67:0645� 59:8878ð Þ ¼ 226:78372 N (21)

Fa=blade ¼ 226:78372=24 ¼ 9:449 N (22)

6.2.5. The evaluation of fatigue damage

6.2.5.1. Finite element analysis results

The finite element analysis is conducted through nonlinear analysis method [34, 35, 38]. The
creep-fatigue-related coefficients from Table 9 and the material properties from Table 10 are
input into ANSYS WORKBENCH as engineering data. The boundary condition (force)
presented in Section 6.2.4 is imposed. Finally, the maximum stress, maximum total strain and
fatigue life are given. The results are tabulated in Table 12, and fatigue-life prediction is shown
in Figure 4 for Inconel 718 and Figure 5 for GP91 casting steel.

6.2.5.2. Predicted fatigue life through Morrow’s equation

Based on the stress and strain obtained from FEA, the fatigue life can be calculated through
Morrow’s equation (non-zero-mean-stress condition) (Eq. (23)) [38, 41]:

Figure 3. Velocity triangle for blade.

In the inlet triangle In the outlet triangle

vb (m/s) v1 (m/s) β1 vr1 (m/s) vx1 (m/s) vy1
(m/s) vr2 (m/s) β2 vx2 (m/s) vy2

(m/s)

120.01 247.55 26.5190 134.129 240.197 59.888 134.129 300 67.065 236.17

Table 11. The results in velocity triangle.
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εt ¼ 3:4
σs � σm

E

� �
Nf

�0:12 þ C0
0:6Nf

�0:6 (23)

where εt is the total strain, σs is the tensile stress, E is the Young’s modulus, C0 is the fatigue
ductility coefficient based on Δεp�N relation and σm is the mean stress which is defined as the
half of the maximum stress obtained from FEA.

Substituting Eq. (23) with the values obtained from FEA gives the results: Nf=2440 for Inconel
718 and Nf=348 for GP91 casting steel.

Materials Maximum stress Maximum total strain Minimum fatigue life

Inconel 718 1311.8 MPa 0.011597 2350 cycles

GP91 casting steel 755.27 MPa 0.029661 327 cycles

Table 12. FEA results for Inconel 718 and GP91 casting steel.

Figure 5. The fatigue life distribution for GP91 casting steel.

Figure 4. The fatigue life distribution for Inconel 718.
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6.2.5.3. Comparing the results

The fatigue damage is evaluated through both FEA and the Morrow’s equation, and the results
are provided in Table 13. The error between these two results is given by Eq. (24).

error ¼ Nf�Morrow �Nf�FEA

Nf�FEA
� 100% (24)

As shown in Table 13, the fatigue life obtained through Morrow’s equation is higher than the
result obtained from FEA. This may be because the influence of mean stress is removed from
the second term (plastic strain), and thus reduces the mean-stress effect on fatigue capacity and
obtains a longer fatigue-life prediction. The FEA results are more conservative, and most
designers would want to proceed with them rather than the Morrow’s results.

6.2.6. The evaluation of rupture time due to creep damage

According to the FEA results, the maximum plastic strain (0.005406 for Inconel 718 and
0.02498 for GP91 casting steel) can be obtained, and it could then be transformed to stress
(445.4 MPa for Inconel 718 and 314.9 MPa for GP91 casting steel) by the stress-strain relation
(Table 9). Finally, the stress is used to get the rupture time through the Manson-Haferd
parameter (PMH) obtained during the process of extracting the coefficients of the unified
formulation. The results are shown in Table 14.

6.2.7. The design decision

The evaluation of fatigue damage (fatigue partition) and creep damage (creep partition) is
collected in Table 15. The results indicate that Inconel 718 has better fatigue and creep capacity
than GP91 casting steel. Therefore, Inconel 718 would be recommended as the material to take
forward into the next stages of design. In safety critical situations, it would still be prudent to
conduct the empirical creep-fatigue tests to validate the selection. However, it will be appreciated
that conducting such tests for one material for the purposes of validation is more efficient than
conducting the same tests for all candidate materials—some of which will not be taken forward.

Materials FEA-based results Morrow-based results Error

Inconel 718 2350 cycles to failure 2440 cycles to failure 3.83%

GP91 casting steel 327 cycles to failure 348 cycles to failure 6.42%

Table 13. The results obtained through FEA and the Morrow’s equation.

Materials PMH 1/PMH– σ relation Rupture time

Inconel 718 �0.0218 �5.0� 10�8σ2 + 5.27� 10�5σ� 3.5375� 10�2 5588 hours

GP91 casting steel �0.0549 3.2� 10�7σ2� 2.2� 10�4σ� 1.74� 10�2 4791 hours

Table 14. Creep damage for Inconel 718 and GP91 casting steel at 811 K.
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7. Limitation

The strain-based unified creep-fatigue equation was developed for the situation of zero-hold-
time cyclic loading. In this case, fatigue makes more contribution than creep on failure [42],
because total time is too small to produce remarkable creep damage. However, for the cyclic
loading with hold time, the creep effect gradually intensifies as the hold time increases. Then,
creep damage makes more contribution and the failure finally occurs due to a creep effect.
Therefore, at the situation with short hold time, the unified formulation may still present a
reasonable prediction of fatigue life, but the accuracy of this prediction may become worse
when the hold time is prolonged.

8. Conclusion

The unified creep-fatigue equation (Eq. (8)) presents an effective and efficient method for
engineering design. The advantages of this equation are:

1. Better fatigue-life prediction formultiple temperatures and cyclic times formultiple materials.

2. Ability to cover the full range of conditions from pure fatigue to pure creep.

3. Good economy since the coefficients may be determined through minimum experimental
effort. Especially, a simplified form is presented where the coefficients can be obtained
from simple creep-rupture tests without need for any creep-fatigue tests.

4. Applicability to engineering design and FEA.
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Abstract

In an elastic solid the strain stays constant with time and is constant and the stress decays 
slowly with time. The increase in strain is not linear, and the curve becomes steeper with 
time and also as the stress-rate is increased. The slope of the curve tends to decrease 
with time, but it is steeper for higher strain rates. The variation of both strain and stress 
with time is linear for constant stress- and strain-rate tests upon elastic materials. The 
final comment about the compressive creep test and data interpretation is as follows: 
(1) Description of the creep mechanism of the geosynthetics (exactly not compression 
but perpendicular compression) is very important because the creep mechanism of ten-
sion and compression is quite deferent. (2) To reduce the specimen-to-specimen, many 
ramp-and-hold (in the case of tension creep: 1 h) tests are recommended. (3) Loading rate 
is also important because it make initial strain value. To check the nonaffected loading 
rate, prior to the main creep test, some kind of short-term test is needed. (4) The method 
to assess the reduction factor by creep also will be reviewed because the value will be 
changed according to the applied load.

Keywords: time dependence, creep loading, stress- and strain-rate tests, creep mechanism, 
geosynthetics, ramp-and-hold, reinforcements, reduction factor by creep

1. General time-dependent behavior

The exact nature of the time dependence of the mechanical properties of a polymer sample 
depends upon the type of stress or straining cycle employed. The variation of the stress 
and strain with time t is illustrated schematically in Figure 1 for a simple polymer tensile 
specimen subjected to four different deformation histories [1, 2]. In each case, the behavior 

© 2018 The Author(s). Licensee InTech. This chapter is distributed under the terms of the Creative Commons
Attribution License (http://creativecommons.org/licenses/by/3.0), which permits unrestricted use,
distribution, and reproduction in any medium, provided the original work is properly cited.



of an elastic material is also given as a dashed line for comparison. During creep loading, 
a constant stress is applied to the specimen at t = 0 and the strain increases rapidly at first, 
slowing down over longer time periods. In an elastic solid, the strain stays constant with 
time. The behavior of an elastic material during stress relaxation is shown in Figure 1(b). 
In this case, the strain is held constant, and the stress decays slowly with time, whereas in 
an elastic material at a constant stress-rate is shown in Figure 1(c). The increase in strain is 
not linear, and the curve becomes steeper with time and also as the stress-rate is increased. 
If different constant strain rates are used, the variation of stress with time is not linear. The 
slope of the curve tends to decrease with time, but it is steeper for higher strain rates. The 
variation of both strain and stress with time is linear for constant stress- and strain-rate tests 
upon elastic materials.

Figure 1. Schematic representation of the variation of stress and strain with time indicating the input (I) and responses 
(R) for different types of loading: (a) creep, (b) relaxations, (c) constant stressing rate, and (d) constant straining rate.
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2. Creep deformation

Creep behavior is typically time-dependent elongation property for geosynthetics, which 
are used to reinforce and improve the long-term performance and sustainable durability in 
the soil-related structure. Also, creep behavior is changed under temperature and service life 
after installation period

Figure 2 shows a curve of creep strain versus time of the creep test results, and slope of this 
curve is creep rate [3]. In general, creep phenomena can be divided into three stages.

i. First stage – primary creep, start at a rapid rate and slows with time.

ii. Second stage – secondary creep has a relatively uniform rate.

iii. Third stage – tertiary creep has an accelerating creep rate and terminates by failure of 
material at time for rupture (Figure 2).

Creep analysis in designing with geosynthetic reinforcement is considered, and the tertiary 
creep is very important because creep fracture can be occurred within this area.

As geosynthetics are generally manufactured from polymer materials, they exhibit a visco-
elastic behavior, time, load, and temperature-dependent, under a sustained constant load. 
The creep behavior of geosynthetics is generally presented as strain versus time or (log time) 
curves and strain-rate versus time as shown in Figure 2. At time t, the total strain ε(t) can be 
expressed from the following equation:

Figure 2. Time-dependent strain curve with primary, secondary, and tertiary stages.
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  ε (t)  =  ε  0   +  ε  I   +  ε  II   +  ε  III    (1)

where ε0 is the instantaneous strain and εI, εII, and εIII are the primary, secondary, and ter-
tiary creep strains, respectively.

The ε0 is composed from both recoverable (elastic) and irrecoverable (plastic) instantaneous 
stain. However, the final sudden creep strain increase before rupture does not necessarily 
occur: it is typical for PE (polyethylene) and PP (polypropylene) not for PET (polyester) at 
standard load levels and temperatures. Based on the dominant creep stage, there are three 
types of creep generation: dominant primary creep, dominant secondary creep, and domi-
nant tertiary creep as shown in Figure 3 [4].

As already very well known, the creep behavior of geosynthetics depends from the following 
factors:

a. polymer nature and polymer structure;

b. geosynthetics structure (nonwoven, woven, and integral structure);

c. loading conditions;

d. temperature conditions;

e. soil environment conditions, and so on.

Therefore, to investigate more specifically the long-term tensile creep of geosynthetics, it is 
necessary to know the effect of each of the above-mentioned factors on load-strain behavior. 

Figure 3. Type of creep behaviors generation.
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Nevertheless, polymer structure parameters such as molecular weight, molecular orientation, 
and crystalline volume, degree of branching, and draw molecular ratio are also very impor-
tant to evaluate creep sensitivity of polymers.

3. Time-temperature superposition principle

Laboratory tests can only be conveniently conducted for about a week or so. Consequently, 
one must use a method of extrapolating short-time tests over several decades of time so 
that a lower limit of the modulus can be determined for use in design. On the other hand, 
it is also sometimes difficult to obtain very short time-scale data, and a method is needed 
to extrapolate data obtained under practicable experimental conditions to these short-time 
scales. An empirical extrapolation method is available for amorphous polymer systems and, 
in general, for systems where structure does not change during the period of testing. Time 
and temperature have essentially equivalent effects on the modulus values of amorphous 
polymers, in that the shapes of the curves are similar and the modulus values in each region 
are about equal. Because of the equivalent effect of time and temperature, data at different 
temperature can be superposed by shifting individual curves one at a time and consecu-
tively along the log t axis on the reference temperature T0. This time-temperature superpo-
sition procedure has the effect of producing a single continuous curve of modulus values 
extending over many decades of log t for reference temperature. This constructed plot is 
known as the master curve.

Before the curves can be shifted to make the master curve, the modulus values should be cor-
rected for density and temperature to obtain reduced modulus values, E(t)reduced

  E  (t)   reduced   =  (  
 T  0   __ T  )  (  

 ρ  0   __ ρ  )   E  r   (t)   (2)

where T0 = reference temperature, K; ρ0 = density at T0; ρ = density at T.

The density correction (ρ0/ρ) is not usually very large. The temperature correction (T0/T) is 
suggested by a rubber-elasticity theory. This procedure asserts that the effect of temperature 
on viscoelastic properties is equivalent to multiplying the time scale by a constant factor at 
each temperature. In mathematical terms, it is expressed as

   E  T   [a (T) ]  =  E   T  0  
   (t)   (3)

where the parentheses indicate functional dependence and the brackets indicate mul-
tiplication. The quantity a(T) is called the shift factor, and it must be obtained along the 
log time scale necessary to match the curve. The parameter a(T) is chosen as unity at the 
reference temperature and is a function of temperature alone, decreasing with increasing 
temperature.
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An important empirical correlation has been developed by which the shift factor can be 
computed for temperature between Tg and Tg + 100°C. This correlation was developed by 
Williams, Landel, and Ferry, and the so-called WLF equation is expressed as

  log a ( T  0  )  =   
−  C  1   (T −  T  0  )  ________  C  2   + T −  T  0  

    (4)

for T0 = Tg, C1 = 17.44 and C2 = 51.6, while for T0 = Tg + 45°C, C1 = 8.86 and C2 = 101.6.

3.1. TTS principle in polyethylene

The modeling of the creep results has been carried out by many researchers in the past 
three decades. A creep model consisting of two thermally activated Eyring-rate processes 
has been proposed by Ward and coworkers, particularly for ultra-high molecular weight 
polyethylene fibers. It has been seen that even in isotropic PE, this model could describe the 
creep response successfully. The corresponding Arrhenius plot of the dynamic data (log aT 
vs. 1/T) is shown in Figure 4 [5]. It is evident that the irrecoverable creep can be approxi-
mated by a single temperature-activated process with the activation energy of 118 kJ/mol 
over the entire region of stress and temperature experimentally covered. Therefore, there 
should be a linear relationship between log aT and 1/T that may be described by the 
Arrhenius equation:

   a  T/Tref   = exp  [  E __ R   (  1 __ T   −   1 ___  T  ref  
  ) ]   (5)

where E = Arrhenius activation energy (118 kJ/mol), R = gas constant (8.314 Jmol−1 K−1), 
T = absolute temperature (K), and Tref = reference temperature (K).

3.2. Relation between activation energy and creep load for geosynthetics

• The modern development of the theory of reaction rates may have come from the proposal 
made by S. Arrhenius to account for the influence of temperature on the rate of inversion 
of sucrose. He suggested that an equilibrium existed between inert and active molecules 
of the reactant and that the latter only were able to take part in the inversion process. By  
applying the reaction isochrones to the equilibrium between inert and active species, it can 
be readily shown that the variation of the specific rate of the reaction with temperature 
should be expressed by an equation of the form

  ln K = ln A −   E ___ RT    (6)

where E is the difference in heat content between the activated and inert molecules. An A is a 
quantity that is independent of or varies relatively little with temperature. Subsequently, the 
Arrhenius Eq. (6) was written in the equivalent form

  K =  Ae   −E/RT   (7)
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and it is now generally accepted that a relationship of this kind represents the temperature 
dependence of the specific rates of most chemical reactions, and even of certain physical pro-
cesses, provided that the temperature range is not large, the quantities A and E can be taken 
as constant.

• Most of the methods to calculate the activation energy are about chemical reaction and 
phase transitions. The method about the geosynthetics viscoelastic properties is as follows.

The relation between temperature T and creep strain-rate (  ε   .   ) can be expressed in the math-
ematical expression, the Arrhenius Equation, in the form:

Figure 4. Arrhenius plot of the temperature shift factor from dynamic mechanical storage modulus. Squares: experimental 
results; solid line: fitting considering all points; dashed line: fitting in the high-temperature region: dotted line: fitting in 
the low-temperature region: (a) results for PEc and (b) results for PEs.
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   ε   .   = Ae   − E ___ RT    (8)

where   ε   .    = creep strain-rate, t−1, A = a pre-exponential rate constant, t−1, E = experimental activa-
tion energy (cal/mol), R = universal gas constant (= 1.987 cal/mol-K), and T = absolute tem-
perature (°K).

Eq. (8) shows that creep strain-rate increase with temperature and with the decrease in the 
activation energy, providing that all other factors affecting creep are kept constant. Eq. (8) 
is usually used in predicting creep rate for longer time intervals. Although time t is not an 
explicit parameter in the equation, the ratio between    ε  

1
     .    at temperature T1 and   ε  

2
          

.
    at temperature 

T2 presents a multiplier coefficient of the kinetics μ that can be used in shifting strain rates 
along the time axis. This relationship is expressed in the form:

  ln μ = ln  (  ε  1     
.   /   ε  2     

.  )  =   E __ R   (  1 __  T  2  
   −   1 __  T  1  

  )   (9)

One of the inherit problems in the used Arrhenius equation arises from the difficulty in deter-
mining the activation energy E from creep tests as the strain-rate is constantly changing dur-
ing the test. However, a common and simple technique for the estimation of E consists of 
applying rapid change in temperature during creep under constant load. Creep strain rates    ε  

1
     .    and   

ε  
2
          

.
    are measured before and after the change in temperature from T1 and T2, respectively, and 

E can be determined from Eq. (9). The evaluation of the activation energy E, according to the 
reference, is as follows:

The activation energy at various creep loads was assessed through testing HDPE geogrid 
specimens at various elevated temperatures and loading levels. The HDPE geogrid specimens 
were placed inside the test ovens and were tested at various temperatures ranging from 32 
to 71°C. A hydraulic system applied creep loads ranging from about 18 to 40% of Tmax. The 
first set of tests on the geogrid consisted of increasing the temperature incrementally every 
20 h while maintaining the load constant. The slopes of strains before and after the change 
in temperature represented creep strain rates at these temperatures and loading levels. The 
application of Eq. (9) resulted in an estimation of the activation energy for each loading level.

4. Stepped isothermal method (SIM) for geosynthetics

According to the former working draft of the ASTM standard test procedure, SIM is defined 
as “a method of exposure that uses temperature steps and dwell times to accelerate creep 
response of a material being tested under load.” It departs from traditional accelerated time-
temperature superposition (TTS) work in that it uses a single specimen per test and employs 
temperature steps throughout the test duration. While the data is shifted using principles well 
established by TTS work.

The single specimen/multiple temperature steps approach allows for the following three 
advantages over conventional elevated temperature testing.
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a. Reduces uncertainty in selecting appropriate shift factors to construct master curves.

b. Facilitates the reduction of uncertainty associated with inherent variability of multispeci-
men tests.

c. Can develop 100-year master curves in a relatively short period of testing time (16–32 h).

A description of the SIM method and its application to geonet creep testing has been discussed 
by Thoronton et al. [6]. The influence of temperature on creep is illustrated hypothetically in 
Figure 5; creep strain increases with increasing temperature. Stated differently, a given value 
of material strain can be reached within shorter times by using higher test temperatures. This 
principle is used in Stepped Isothermal Method (SIM) to obtain creep information within 
time periods significantly lower than those required for conventional creep testing. A typical 
SIM experiment is explained graphically in Figures 5 and 6. A series of successively higher 
temperature increments are implemented on a test specimen at a constant stress. Strain is 
measured during each temperature increment.

For example, temperature step in Figures 7 and 8 can be 7°C, and a total of six such steps are 
utilized. Each temperature step can be 1000 s long, that is, each temperature is maintained 
constant for 1000 s. The resulting strain is illustrated in Figure 7. Each strain increment plots 
linear on log time scale provided some restrictions and conditions specific to each material are 
observed. These conditions relate to material failure or rupture strength and melt or softening 
temperature.

In general, the lower the temperature and stress, the better behaved the relationship between 
time and strain. The result of rescaling the raw SIM data is shown Figure 8 as a plot of creep 
modulus versus log (t − t′). The term t′ is actually a set of rescaling terms that create matching 
slopes between the isothermal dwells in log time space. The result of shifting the rescaled data 
is the master creep modulus curve of Figure 6. Note that the modulus curve extends beyond 
the 114y (106 h).

Figure 5. Effect of stress and temperature curves on creep behaviour.
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Figure 6. Schematic of SIM method.

Figure 7. Creep modulus versus log (t − t′) after rescaling.
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Figure 6. Schematic of SIM method.

Figure 7. Creep modulus versus log (t − t′) after rescaling.
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The creep behavior from SIM on HDPE geogrids may be different than that from the TTS 
method because the low glass transition temperature (Tg) and melting temperature (Tm) of 
HDPE resin. When performing SIM on PET geogrids, the test temperature range is below the 
Tg (~70°C), and the material is in a glassy state. On the contrary, HDPE geogrid is tested in its 
rubbery state and relatively close to the Tm (124°C) at the same test temperature range. Plastic 
deformation would be a governing factor in the creep behavior of HDPE, particularly at the 
high testing temperatures.

The creep mechanism of SIM and TTS of HDPE is evaluated using the activation energy, 
which is obtained by plotting the shift factor against reciprocal test temperatures according 
to Arrhenius equations.

   a  T   = A exp  (  − E ___ RT  )   (10)

where E is the activation energy for the creep deformation, R is gas constant, and T is the test 
temperature

Table 1 shows the activation energy values of six creep tests based on SIM and TTS proce-
dures in the referenced study [7]. For the same loading, the energy values resulting from SIM 
and TTS are very similar. The activation energy decreased linearly with stress, as shown in 
Figure 9.

Figure 8. Creep modulus versus log AT (t − t′) (sec).
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This similar result for PET yarns and PP woven geotextile were also observed, respectively, [6, 8] 
and this behaviour was accounted as stress decreases the thermal energy requiring for polymer 
flow [9].

However, the activation energies resulted from this study as well as those calculated from data 
published is much higher than other published values [10]. It was found an activation energy 
value of 118 kJ/mol for PE fibers and an energy value of 85 ± 30 kJ/mol was obtained by study-
ing the stress relaxation of an oriented HDPE [11, 12]. Creep performance tests using TTS with 
test durations of 1,000 hours were done at each temperature [13, 14]. The activation energies 
calculated from their shift factor at different applied load are presented in Table 1, and the 
values are closer to the published range for polyethylene materials. The high activation energy 
values from this study may result from the short test duration, which is only 10,000 s (2.7 h) 
for each temperature step. The discrepancy in activation energy values suggests that the creep 
mechanism is different between the short-term SIM and long-term TTS or conventional creep 
tests. Caution must be carried out when SIM and short-term TTS procedures are applied to 
new geosynthetics that do not have long-term creep data to be compared. However, once the 
verification is confirmed, SIM or short-term TTS can be extremely useful to evaluate similar 
geosynthetics with the same polymer type.

Figure 9. Activation energy versus applied stress.

Y. G. Hsuan [7] Lothspeich and Thornton [10] Farrag [14]

Stress/method E (kJ/mol) Stress/method E (kJ/mol) Stress/method E (kJ/mol)

10% UTS/SIM 302 37% UTS/SIM 230 19% UTS/TTS 91

20% UTS/SIM 257

30% UTS/SIM 227 ± 10 23% UTS/TTS 102

40% UTS/SIM 198

10% UTS/TTS 271 31% UTS/TTS 96

20% UTS/TTS 219

Table 1. Activation energies with shift factor and strain-rate.
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5. Comparison between SIM and conventional creep tests

5.1. Tensile creep test results

Figures 10–13 show the examples of creep curves derived from the results of the conventional 
long-term creep tests and the SIM tests [15]. The SIM tests are shown as thick lines, and the 
conventional tests are shown as thin lines. In this reference, the criteria used for comparison 
are the strain after 1 h (the initial strain), the strain at the end of the conventional test (final 
strain), and the difference between these strains (the time-dependent strain). The total strain 
at any time is the sum of the initial strain and the time-dependent strain. At the risk of over-
simplification, the strain developed at 1 h could be taken to be that occurring during construc-
tion and that after 1 h as the strain generated in service.

Figure 10 shows the derived creep curves for polypropylene fabric. At a load of 56 kN/m (27% 
of tensile strength), the SIM data give a higher strain than the measured values. For example, 
at 122,374 h, the results of the conventional test give a total strain of 7.92% and a time-depen-
dent strain of 3.21%, while for the equivalent time, the SIM data predict strains of 9.61 and 
4.95%, respectively. Thus, the time-dependent strain is over predicted by 1.74% strain or 54% 
as a proportion of the actual strain. At a load of 114 kN/m (55% of tensile strength), the initial 
strain (i.e., at 1 h) recorded in the conventional test was 8.62%, while the SIM data predicted a 
value of 6.73%: this wide variability is not an unusual phenomenon in creep testing. The vari-
ability can be reduced by performing additional “ramp-and hold” tests ,and indeed the tests 
were used to adjust the initial strain of the conventional tests.

Nonetheless, the two creep curves are reasonably parallel until close to the rupture point of 
the specimen. At 7967 h, the point at which the rate of strain in the conventional test began to 

Figure 10. Comparison between results of conventional and SIM tests on material (polypropylene fabric Terram W20/4).
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Figure 11. Comparison between results of conventional and SIM tests on material (polypropylene fabric Lotrak 45/45).

Figure 12. Results of conventional and SIM tests for polyethylene grid. Tensile strength 77.2 kN/m; tests at 31 kN/m 
(40%).

increase substantially, the total measured strain was 17.08%, while the predicted value was 
13.19%. The time-dependent strains at this point were 8.46 and 6.46% respectively; thus, this 
strain was overpredicted by 2.0% or by 24% proportionally. The specimen in the conventional 
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test ruptured after 9825 h at about 19% strain. The SIM test was terminated after the equiva-
lent of 23,340 h at which point the strain was 17.3%.

Figure 11 shows the creep curves for polypropylene fabric. As shown in Figure 11, the creep 
curves derived from both types of test are in good agreement. At a load of 15 kN/m (31% of 
tensile strength), the total strain at the end of the conventional test (121,175 h) was 14.71%, 
and for the equivalent time, the SIM data predicted a strain of 15.62%. The time-dependent 
strains were 8.48 and 9.36%, respectively; thus, the difference was 0.88% strain – or 10% pro-
portionally. At a load of 25.5 kN/m (52% of tensile strength), in the conventional test, the total 
strain after 6617 h was 17.90%, and for the equivalent time, the SIM data predict a value of 
17.13%. For the same duration, the time-dependent strains are in excellent agreement at 8.71 
and 8.69%, respectively. The specimen in the conventional test ruptured after 23,109 h at 23% 
strain, and the specimen in the SIM test ruptured after the equivalent of 49,000 h at 31% strain.

Figure 12 shows the creep curves for material polyethylene grid Tensar at 31 kN/m (40% 
of ultimate tensile strength). There is excellent agreement between the creep curves derived 
from the results of the conventional test and that predicted by the SIM data. The strain mea-
sured at the end of the conventional test (at 113,179 h) was 10.25% and that predicted by the 
SIM data was 10.23%. For this time, the time-dependent strains were 4.34 and 4.85%, respec-
tively – a difference of 0.51 or 12% proportionally.

The principal objective of the tests undertaken on material Paraweb strip was to compare the 
creep-rupture characteristics, and so the tests were not necessarily performed at the same load 
levels. However, the results of a pair of tests that were undertaken at the same load (of 40.95 
kN/strip, or 70% of tensile strength) are shown in Figure 13. The data from the conventional 
test indicate a strain of 10.64% at the end of a test (at 69,558 h) and a time-dependent strain 
of 2.00%. The predicted strains derived from the SIM test were 11.11 and 2.17%, respectively. 

Figure 13. Results of conventional and SIM tests for polyester strip. Tensile strength 58.5 kN/m; tests at 41 kN/m (70%).
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Figure 14. Comparison of 10,000-h creep response. (a) at 480 kPa, (b) at 480 kPa, and (c) at 1440 kPa.

The high initial strain and low time-dependent strain are typical of polyester. The difference 
in the time-dependent strains is small at 0.17% strain or at 9% proportionally.

As noted earlier, there can be quite a wide variability in the measurements of the initial strain in 
creep tests. In the conventional tests, the creep curve was adjusted using the following procedure:
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• Perform two additional creep tests at the same load, each lasting just 1 h.

• Measure the strains after 1 h.

• Calculate the average of the strains after 1 h for the long-term test and the two additional 
tests.

• Subtract the strain after 1 h for the long-term creep test from this average.

• Add this difference to all strains measured for the long-term creep test.

In effect, the above shifts the entire long-term creep curve such that it passes through the aver-
age strain measured after 1 h, and the time-dependent strain is unchanged. This procedure 
has been named “ramp-and-hold” [6]. The data from the SIM tests were not adjusted. The 
agreement in the time-dependent strains determined by the conventional and SIM tests is no 
better than that between the final strains, but it would have been worse had the initial strains 
of the conventional tests not been corrected. This shows that better estimates of the initial and 
final strains can be obtained by undertaking these additional ramp-and-hold tests.

5.2. Tensile creep test results

The examples of the 10,000-h creep response and the comparison to the creep response at 
the same load generated via SIM testing are shown in Figure 14(a)–(c) [16]. The 10,000-h 
creep reduction factors were determined. Also, the calculated reduction factors for pre-
dicted 10,000 h and 35-year service lives from both conventional and accelerated creep 
testing are summarized in Tables 2 and 3. According to the results of this reference, while 
10,000 h and 35-year creep reduction factors at 480 and 720 kPa were substantially similar 
as a result of SIM and conventional testing, they were observed to differ by as much as 66% 
at 1440 kPa. However, the cause of this difference was found to be related to the retained 
thickness at the relatively short duration of 100 h. As seen in Figure 14(c), significant dif-
ferences in the thickness response to loading and the onset of creep at 1440 kPa were 
manifest in less than 10 h of test time. This is clearly unrelated to the elevated temperatures 
used during SIM testing.

Load (kPa) 10,000 h RFCR at 20°C 10,000 h RFCR-SIM Difference

240 NA 1.038 NA

480 1.056 1.041 −1.4%

720 1.057 1.071 +1.3%

960 NA 1.135 NA

1200 NA 1.288 NA

1240 1.323 1.963 +48%

Table 2. SIM versus conventional testing at 10,000 h.
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6. Review of creep for geosynthetics

The behavior of geosynthetics may be classified into three groups: (1) temperature-indepen-
dent, stress-dependent deformation, asymptotic to a final creep value (PET geotextiles), (2) 
temperature- and stress-dependent deformation, only under a threshold mainly of stress 
deformation are asymptotic to a final creep value (HDPE-extruded geogrid), and (3) tempera-
ture- and stress-dependent deformation (woven PP-slit film geotextiles). The creep behavior 
of PET non-woven and PP woven geotextiles is not modified by the confining pressure; how-
ever, the total strain of PP non-woven  geotextiles is strongly reduced with a confining pres-
sure of 50 kPa and no more with higher confining pressure. The strain reducing increases with 
the level of load. From these results it seems that a confining pressure on a geotextile does 
not modify the structural creep but can strongly modify the polymer creep. This modification 
is effective with low values of the confining pressure. It makes one feel sorry that the reason 
why was not explained.

In this study, the performance limit strain was about 15%, but they do not use these values 
because it is seen that there was no evidence of the onset of rupture occurring at strains 
of less than 16% and the strain time and Sherby-Dorn curves show that the grids behave 
in a predictable manner, and there are no sudden changes in performance. Thus it can be 
decided that the performance limit strain of 10%, safe, if conservative, design criteria for the 
ultimate load condition of that product. However, it is seen that the sudden change near the 
15% and the importance is the reason why how to generate these Sherby-Dorn curves. From 
this time, it can be that the use of the 10% limit performance strains to the most of geosyn-
thetic reinforcements. This is very sad to the geosynthetics research field. Another thing is 
the application and analysis of time-temperature superimposition principle. it is seen that 
the shifted the raw strain data to the time scale without any explanation of theory or shift 
mechanism.

The purpose of this study was to make sure about the various aspects of the test procedure, 
such as the type of clamping, the loading time, the minimum length of the specimens, the 
required testing time, the extrapolation procedure, and the level of the accuracy of the predic-
tion. And as suggested the time-temperature superposition, using the creep modulus curves, 

Load (kPa) 35 Year RFCR at 20°C 35 Year RFCR-SIM Difference

240 NA 1.049 NA

480 1.065 1.075 +0.9%

720 1.113 1.118 +0.4%

960 NA 1.281 NA

1200 NA 1.601 NA

1240 1.652 2.739 +66%

Table 3. SIM versus conventional testing at 35 years.
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has been used to extrapolate the behavior of integral geogrids to 106 h. The time shift between 
the curves at 20 and 30°C is equal to 100 or 102.0, while the time shift between 20 and 40°C is 
equal to 2000 h or 103.301. This means, practically, that 1 h of creep testing at 30°C produces 
the same elongation than 100 h at 20°C, for the same testing condition; or 104 h at 30°C cor-
responds to 106 h at 20°C and similarly for the 40°C testing, with a 2000 factor. 

Using the new SIM, over 15 load specific master creep modulus curve were generated, some 
of which extended to over 100-year design lifetimes, each from a single specimen in a test that 
was completed in less than 18 h. The results of the conventional and SIM procedures were 
found to be an equivalent for the polyester products examined. Recently, the compressive 
creep behavior of a geonet was also evaluated using SIM and the compressive creep test about 
the EPS Geofoam was evaluated using SIM.

7. Conclusions

The final comment about the compressive creep test and data interpretation as follows:

1. Description of the compressive mechanism of the geonet (exactly not compression but per-
pendicular compression) is very important because the creep mechanism of tension and 
compression are quite deferent.

2. To reduce the specimen-to-specimen, many ramp-and-hold (in the case of tension creep: 
1 h) tests are recommended.

3. Loading rate is also important because it makes initial strain value (εi). To check the non-
affected loading rate, prior to the main creep test, some kind of short-term test is needed.

4. The loading level may be a decision according to the site-specific conditions.

5. If the time-temperature superposition will be used, the exact answer about that what shift 
factor value is used in this study. How these values are used? Why the method to calculate 
the shift factor was used? Is strongly needed to the qualified paper?

6. The method to assess the RFcreep also will be reviewed because the value will be changed 
according to the applied load. Maybe to find the applying load value that satisfies the per-
formance limit strain at the design time.
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Abstract

The deformation of structural alloys presents problems for power plants and aerospace
applications due to the demand for elevated temperatures for higher efficiencies and
reductions in greenhouse gas emissions. The materials used in such applications experi-
ence harsh environments which may lead to deformation and failure of critical compo-
nents. To avoid such catastrophic failures and also increase efficiency, future designs must
utilise novel/improved alloy systemswith enhanced temperature capability. In recognising
this issue, a detailed understanding of creep is essential for the success of these designs by
ensuring components that do not experience excessive deformation which may ultimately
lead to failure. To achieve this, a variety of parametric methods have been developed to
quantify creep and creep fracture in high temperature applications. This study reviews a
number of well-known traditionally employed creep lifing methods with some more
recent approaches also included. The first section of this paper focuses on predicting the
long-term creep-rupture properties which is an area of interest for the power generation
sector. The second section looks at pre-defined strains and the re-production of full creep
curves based on available data which is pertinent to the aerospace industry where compo-
nents are replaced before failure.

Keywords: creep, creep lifing methods, long-term creep behaviour, stress rupture,
creep prediction

1. Introduction

The drive towards more efficient gas turbines and the associated reductions in greenhouse
emissions require the existing gas turbines to operate under higher severe temperatures.
However, this aim is restricted by the limitation of the materials used in such harsh environ-
ments which may, eventually, lead to the deformation and failure of these components. In
order to avoid such catastrophic failures and increase the efficiency, future designs must utilise
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novel or improved alloy systems with an enhanced temperature capability. One key material
property that governs the life of many components within the gas turbine is creep. A detailed
understanding of the creep behaviour of materials is seen as an essential requirement. How-
ever, understanding and predicting the creep properties is a very important challenge for
researchers, which is the basis of this chapter. Therefore, the current research will thoroughly
concentrate and investigate the long-term creep predictions of materials as well as their
behavioural attributes under the applied stresses and temperatures.

Creep is defined as the plastic deformation of materials under the effect of high stresses and
temperatures for long durations of time which, eventually, leads to fracture. Generally speaking,
problems of creep failure and excessive distortion are experienced at temperatures equal, or just
above, to the half of themelting temperature, TM, of amaterial. Itmight be possible to avoid creep
problems by either selecting materials of highmelting temperatures or maintaining the operation
temperatures far away from those at which creep could take place, typically less than the third of
the melting point of a material. However, these simple solutions do not provide a comprehensive
and convincing answer to the problem. On one hand, materials of high melting temperatures can
be developed and employed but will still show creep deformation under the high stresses and
temperatures encountered in such applications. On the other hand, if temperatures are lowered to
less than the third of the melting temperature, this will, in return, lower the efficiency, which is
undesirable in these applications. Therefore, the design stage is the crucial part of the industrial
process where decisions should be taken so as to avoid the long-term creep failures [1].

During the design stage, a comprehensive study and analysis of a material’s behaviour should
be made before this material is considered for a particular application. For certain applications,
this might be adequate but for fundamental studies of creep behaviour, full creep curves must
be available. For this purpose, creep tests can be carried out at different stresses and tempera-
tures in order to provide the designer with the necessary information to study and analyse the
long-term behaviour of materials under the applied stresses and temperatures. Since it is
impractical to perform creep tests for the entire lifetime of some real applications, particularly
when lifetimes can range, for instance, from 20,000 to 120,000 h as in the power generation
applications, determining a conservative and an acceptable method for extrapolating the short-
term measurements is a significant goal. Alternatively, for aerospace applications, where the
time to a certain percentage strain is more desirable, this method should also provide accurate
predictions of the creep behaviour based on this criterion. Starting from this point, many
extrapolation techniques were devised for the purpose of predicting the long-term creep
behaviour of materials without the need to carry out practical tests which could last for many
years before being able to size and manufacture the required components. Minimising the
scale of these larger tests will, in return, reduce the cost and save the time needed for such
long-term tests. Hence, these predictions require short-term data to be available from the
various types of creep tests at the same conditions as the actual application. Extrapolation
methods must be taken into consideration that creep is a critical function of stress and temper-
ature, that is, a relatively small change in either of these quantities can drastically affect the
material’s lifetime. These methods are being used to predict both creep-rupture and creep-
deformation behaviours, in which the former has received a greater attention than the latter as
a result of the more drastic consequences of brittle failures, that is, sudden rupture, compared
with ductile failures, that is, excess deformation [2].
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2. Review of creep parametric methods

Many approaches were proposed in an effort to predict the long-term creep properties based on
short-term creep measurements so as to reduce the time scales and costs required to obtain such
long-term data. Each of these approaches represents a technique through which the short-term
creep-rupture data can be extrapolated using a time-temperature parameter. This concept is based
on the assumption that all creep-rupture data, for a given material, can be superimposed to
produce a single ‘master curve’ wherein the stress is plotted against a parameter that contains
and combines time and temperature. Based on this master curve, that can only be constructed
using available short-term measurements; extrapolation to longer times can then be obtained.
These parametric methods play a key role during the design stage in which the high temperature
components aredesigned to codes that are intended toassurea specific life.Generally, thesedesign
codes define a maximum allowable stress that can exist in a component during the anticipated
design life. This allowable design stress, which is a combined function of time, temperature and
material, is usually based on the rupture stress required to give the expected design life. It is
tempting to infer that the plant will give a satisfactory service up to, but not much beyond, the
design life. For this reason, two distinct parts of the service life can be defined, namely: (a) the
original design life which can typically be 100,000 h and (b) the safe economic life. Although the
latter is normally outside the influence of the design codes, it can be considered as a significant
fraction of the overall service life. Moreover, due to the time-dependent nature of materials’
properties at high temperatures and the fact that ultimate failure is, thus, implicit, consideration
must be always given to a ‘beyond design’end-of-life criterion. Since the time required for a crack
to grow can be very short, life extension is only safewithin the time scale for crack initiation unless
defect growth is beingmonitored [3].

In general, current methods normally involve two approaches, namely: (1) those which involve
the acquisition and monitoring of operational parameters, the use of standard materials data
and the life fraction rule and (2) those based on post-service examination and testing which
require direct access to the component being examined for sampling and measurement [3].
These parametric methods have a great advantage, at least in theory, of requiring only a
relatively small amount of data to establish the required master curve. Some of these
approaches proved their validity for creep predictions by providing satisfactory results
whereas others failed to give precise long-term predictions.

2.1. Review of the power law

The power law represents a combination of the temperature and stress dependences of creep
rate which are described by, respectively, Arrhenius’s and Norton’s laws. In these two laws, the
secondary strain rate, έs, is used to describe the creep rate of materials, as follows [1]:

• Arrhenius Law: As the strain rate, έs, increases with increasing the temperature, T, a
straight line relationship can be obtained when plotting (ln έs) against (1/T), as shown in
Figure 1(a). Thus;

έs α exp �Qc=RTð Þ (1)

where Qc is the activation energy for creep and R is the gas constant.
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• Norton’s Law: As the strain rate, έs, increases with increasing the stress, σ, another
straight line relationship can be obtained when plotting (ln έs) against (ln σ), as shown in
Figure 1(b). Thus;

έs α σn (2)

where n is the stress exponent. Combining these two laws together, that is, Eqs. (1) and (2),
gives the power law equation as [1]:

έs ¼ A σn exp �Qc=RTð Þ (3)

where A is a constant.

It was also assumed that the value of Qc and n is constant but, in fact, after further research, it
was found that their values vary according to the creep mechanism in different stress and
temperature regimes [4]. The value of Qc is related to temperature, according to Eq. (1) and
Figure 2(a), such that Q1 and Q2 represent the value of Qc at high temperatures (due to vacancy
flow through the lattice) and low temperatures (due to vacancy flow along grain boundaries),
respectively [1]. On the other hand, the value of n is related to stress, according to Eq. (2) and
Figure 2(b), such that n1 and n2 represent the value of n at high stresses (due to dislocation creep)
and low stresses (due to diffusional creep), respectively [1].

Figure 1. The secondary creep rate dependence of (a) temperature and (b) stress, respectively.

Figure 2. Transition of (a) Qc and (b) n, relative to temperature and stress, respectively.
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According to Wilshire and Scharning [5, 6], when creep tests were carried out on the 9–12%
chromium steels, it was found that the value of Qc and n was changing with increasing the
temperature and decreasing the stress. Therefore, it can be deduced that there is a variation in
the value of Qc and n used in the power law equation depending, respectively, on temperature
and stress regimes during the creep process. For this reason, and since these values vary in an
unpredictable manner, the power law equation does not allow accurate estimation of the long-
term rupture strengths by extrapolating the short-term measurements [5, 6]. Furthermore,
using these relationships for extrapolation will overestimate the actual long-term performance,
Figure 3, which might lead to considerable errors in the prediction of creep behaviour and
thus, catastrophic consequences. If a certain method is unable to accurately predict the creep
behaviour, the consequences will be less severe if the method underestimates the actual
measurements rather than overestimating them, as underestimation will keep the component
life within the safe operational conditions.

2.2. Review of the Larson-Miller (LM) methodology

This parametric approach is one of the methods used to predict the stress rupture data of
metals. It has been originally derived from Arrhenius relation at a constant stress and thus, a
constant stress exponent n, but at a variable value of Tand Qc, which gave the final form of this
relation as [7]:

PLM ¼ f σð Þ ¼ T CLM þ log tfð Þ (4)

where CLM and PLM are the Larson-Miller constant and parameter, respectively. The parame-
ter, PLM, can be used to superimpose the family of rupture curves into a single master curve [2].
The constant, CLM, includes the Monkman-Grant constant M [8], which is a function of Qc that
was proved elsewhere [2, 5, 6] to be a function of stress. Plotting log tf against 1/T at constant

Figure 3. Extrapolation using the power law overestimates actual results.
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stresses, Figure 4, for some experimental data gave straight lines of slope PLM and an intercept
of - CLM [9].

This method was further studied by Krivenyuk and Mamuzic [10], who described the constant
CLM, as:

CLM ¼ T=ΔTð Þ m0 log σ1=σ2ð Þ (5)

where σ1 and σ2 are the corresponding stresses at a constant time value from two rectilinear
stress rupture (SR) curves tested at T1 and T2 (where T2 = T1 + ΔT), and m0 is the reciprocal of
the slope, at the selected time value, of the SR curve at temperature T1. When the value of CLM

was estimated based on the data of two rectilinear SR curves at temperature T1 and T2, it was
found that the value of CLM depends on the position of the two curves relative to each other. In
other words, if the curves were parallel then, this means that, CLM is constant. But, if the slope
changed from one curve to another then, as the time to rupture increases, the value of the
logarithm in Eq. (5) also increases leading to a significant dependence of CLM on time. Hence,
for equidistant curves, the time dependence of the constant CLM is weak, whereas it might
become sharp for curves that are distinguished by their slopes [10].

Larson and Miller took one step further in their original proposal, suggesting that the value of
the constant CLM could be taken as 20 for many metallic materials [7, 11]. However, it was
found that the value of this constant varies from one alloy to another and is also influenced by
factors such as cold-working, thermo-mechanical processing, phase transitions and/or other
structural modifications [11]. Moreover, most applications of the Larson-Miller parameter are
made by first calculating the value of CLM that provides the best fit of the raw data, which
means that CLM is treated as a ‘fitting constant’ based on a ‘trial and error’method instead of

Figure 4. Determination of the Larson-Miller constant.
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being a physically meaningful constant. For instance, a certain study [11] showed that the
value of this constant for specific aluminium alloys ranged from about 13 to 27.

In studies of refractory and heat-resistant steels and alloys by Krivenyuk and Mamuzic [10],
calculations often gave rather lower values of the constant CLM than the commonly used value
of 20. In these investigations, the difference in the values of this constant was mainly a result of
the time dependence of this constant. In addition, the refractory metals were primarily studied
at short loading times whereas the heat-resistant materials were investigated at longer loading
times which led to higher values of CLM for the latter, according to formula (5). In agreement
with these findings, Cipolla and Gabrel [12] found a huge stress overestimation when the
Larson-Miller equation was used on the high chromium steel (Grade 91) at all temperatures,
especially at 600�C. Therefore, the requirement of a physical realism of extrapolation was not
completely fulfilled by this method which is less conservative and seems to be less able to
describe the strong curvature between the low and the high stress regimes.

The equation of Larson andMiller was reviewed byWilshire and Scharning [5, 6] on the 9–12%
chromium steels. Although it was generally accepted that CLM should be taken as 20, the data
fit with the curving LM plots was, frequently, better with other values, where, in the case of
chromium steels, the best fit was obtained when CLM was 36 instead of 20. This difference in
the value of CLM was attributed to the fact that it is a function of Qc which is, itself, a ‘variable’.
Thus, Larson and Miller’s results were only in agreement with the theoretical equation for low
temperature deformation, and could not accurately describe the high temperature properties.

A very logical explanation was given by Larke and Inglis [13] who assumed that if two
different materials were tested at the same temperature, T, and fractured at the same time, tf,
then if the value of CLM was the same for both materials, Eq. (4) would give the same value for
PLM, even though, as would in general be so, the stress to cause fracture is different for each
material. Therefore, if the value of CLM is considered ‘presumably’ as 20, as Larson and Miller
suggested, then this suggestion will imply that, for the same conditions of testing, the fracture
time would be the same for all materials, which is apparently unacceptable. In addition, this
suggestion also means that if, for a given material, a set of stress rupture curves at different
temperatures are established, then, over the same temperature range, these curves would be
valid for any other material provided that only the stress scale is altered [13].

The graphical method, Figure 4 recommended by Larson and Miller for determining the
numerical value of CLM was proved to be quite unsatisfactory [13]. This was based on the fact
that, at least, one pair of lines intersects at a significantly different value of log tf than the other
pairs, and this, coupled with the fact that personal choice enters into the drawing of the curves
associated with the basic log σ/log tf data, increases the doubts on the acceptability of this
method for determining the value of CLM [13]. Another critical assessment of this method
documented in Murry [14] concluded that the different curves which represent the variations
of the Larson-Miller parameter with the initial stress, at different temperatures, very rarely
coincided. It was also observed that the value of CLM could vary from 2 to 55, very often in
relation to the initial stress. In agreement with this assessment, another study also documented
in Murry [14] found that the constant CLM varied with the material, the test temperature
and the initial stress. Along with these studies, another extensive work carried out by Penny
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and Marriott [2] on the Larson-Miller method stated that this method stands alone as the least
accurate of all methods, both in correlation and extrapolation, where errors resulting from its
use are significant even when good quality data are available.

Therefore, this parametric formula could only be used to a very limited extent to extrapolate
time, temperature, stress and elongation since the value of CLM was found to be variable.
Moreover, the unknown curvature of the parametric plots of the Larson-Miller equation makes
data extrapolation unreliable. Hence, even when tests lasting up to 30,000 h have been com-
pleted, this parametric method does not allow unambiguous determination of the 100,000 h
rupture strengths.

2.3. Review of the Manson-Haferd (MH) methodology

Manson and Haferd [15] developed a linear time-temperature relationship for extrapolating
creep and stress rupture data. The Manson-Haferd (MH) methodology was developed in order
to eliminate the errors introduced by the Larson-Miller technique which assumed a fixed value
of the constant used in its equation that led to inaccuracies in predicting the creep life [2, 15].
This technique assumes the same starting point of steady-state creep dominated by a power
law behaviour but considers, later on, that the logarithm of the time varies linearly with the
test temperature at a constant initial stress, according to [14, 15]:

log t ¼ a� PMH T (6)

where t is the time (either the time to fracture, tf, or to a certain strain level, tε), a = log ta + PMH

Ta (where ta, PMH and Ta are the Manson-Haferd time, parameter, and temperature constants,
respectively), T is the absolute creep test temperature, and the point (Ta, ta) is the point of
intersection of the straight lines corresponding to the various iso-stress lines. Therefore, the
Manson-Haferd parameter, PMH, determines two constants compared to the Larson-Miller
parameter that involves only one constant. Rearranging Eq. (6) gives [14, 15]:

PMH ¼ f σð Þ ¼ log t� log tað Þ= T� Tað Þ (7)

According to Manson and Haferd’s suggestion, the parameter PMH can, thus, be derived
graphically from the intersection point of the extrapolated iso-stress lines when plotting log tf
against T. Moreover, plotting PMH versus stress, σ, will force all creep data to collapse onto a
single ‘master curve’. The equation of this curve can then be determined by a curve fitting
technique, which yields an equation relating time to a given percent creep, temperature and
stress [15].

In agreement with Manson and Haferd, it was postulated elsewhere [14] that the parameter
PMH was derived from the approximately linear relationship found experimentally between
log tf and T as well as from the trend of the data that converge at a common point (Ta, ta). This
parameter, therefore, measures the slopes of the straight lines obtained for given values of
stress. Values of Ta and log ta which best fit the data vary for different materials [14]. Manson
and Haferd showed that the values of Ta for most materials ranged from 0�F (�17.78�C)
to 200�F (93.3�C) whereas the values of ta varied appreciably [15]. Although single values of
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Ta and log ta might be found and universally agreed and used with satisfactory results, this
possibility has not as yet been demonstrated. They also added that accurate results could be
expected with this parameter, as with the LM parameter, only if the proper values of the
constants were used for each material. However, the variation in the value of Ta and log ta
introduced many errors in extrapolating the short-term data, as it was found with the LM
approach. Murray and Truman [16] also reviewed the MH technique and obtained new values
of Ta and log ta which accurately fitted the data of the austenitic steels used in the experiment.
They also found that the values of the constants obtained were different from the standard
values proposed by Manson and Haferd. Along with Murray and Truman, different values of
these two constants were obtained elsewhere [17, 18] when experiments were carried out on
different steels.

An advantage of the MH parameter is that it can be used for various materials and different
times which could be either the time to a certain percent creep strain or the time to rupture.
However, the numerical values of the MH constants read from the plots of log tf against T are
not precise enough unless very comprehensive experimental data are available. Furthermore,
by using this technique, predicting the stress and the time values outside the temperature
range on which the magnitudes of the constants are based can lead to significant errors [13].
An assessment carried out by Pink [19] stated that none of the methods had a consistent
physical basis and that the apparent success of a certain procedure has only resulted from its
applications in just circumstantial conditions. Furthermore, it was added that on one hand, the
method of Larson and Miller, for instance, shows better consistency with the deformation
processes occurring at low temperatures and thus, offers better results in the extrapolation of
this type of data. Whereas on the other hand, the method of Manson and Haferd does not
present any physical meaning, but coincidentally describes the complex pattern of deforma-
tion controlled by several mechanisms and is, thus, more reliable for long-term predictions of
data generated at higher temperatures.

All of these methods were only proposed to analyse creep testing data since there is no
mention in the literature of using the hot-tensile testing data, for example, in the analysis using
these techniques [18]. Therefore, and based on these facts, the validity of this method is limited
based on the conditions according to which the test is being carried out and thus, further
research should be done in order to improve its capability of predicting the long-term creep
properties before adopting its results.

2.4. Review of the Orr-Sherby-Dorn (OSD) methodology

The Orr-Sherby-Dorn (OSD) technique [20] involves a time-temperature parameter based on
the parallelism of the iso-stress lines of a slope that represents the Orr-Sherby-Dorn constant,
COSD. In this methodology, the assumptions of the Larson-Miller technique have been
interchanged. In other words, the constant of the Larson-Miller equation, CLM, became a
function of stress whereas the parameter, PLM, became a constant [2, 14]. Based on these new
assumptions, the LM relation (Eq. (4)) can be re-arranged to give the OSD equation as [20]:

POSD ¼ f σð Þ ¼ log tf � COSD=T (8)
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where POSD and COSD are the Orr-Sherby-Dorn parameter and constant, respectively, T is the
absolute creep test temperature and tf is the time to fracture. The basis of the OSD life predic-
tion methodology is that the activation energy, Qc, remains constant over the entire creep
curve, with relatively sparse supporting data [20]. However, since the constant COSD includes
the activation energy, Qc, then any variations in Qc will, thus, ensure that the superimposed
parametric plots will be non-linear [5, 6]. Indeed, there is evidence that in some cases, the creep
activation energy seems to increase systematically through the primary region [21].

In order to prove the variation in the value of COSD, tests were carried out by Murray and
Truman [16] and graphs of log tf against 1/T at constant stress values were plotted. The
gradients of these plots, that is, the values of COSD, were also calculated. Eventually, it was
found that in spite of the difference between the values of COSD obtained experimentally and
the values proposed by Orr, Sherby and Dorn, the data were fitted with reasonable accuracy
[16]. Since the slope of the resulting log tf against 1/T line will be the numerical value of COSD, it
was proposed by Orr, Sherby and Dorn that the adjacent log σ/log tf curves will be equidistant
from each other along the time scale [13]. Therefore, in principle, only one line of log tf against
1/T at a constant stress needs to be drawn in order to determine the value of the constant COSD,
although in practice, the average slope of lines corresponding to different stress levels would
be determined. However, it was found quite impracticable to obtain such lines and, in conse-
quence, another method for determining the value of COSD has been employed elsewhere [13].
A paper published by Mullendore [22] revealed certain limitations in methods that employ
only a single time-temperature parameter, as with the OSD method, and this became particu-
larly obvious in cases where structural instabilities were involved. It was also added that due
to the multiplicity of rate processes affecting the creep strength of complex alloys at high
temperatures, it is absolutely impossible for a single parameter to describe precisely all creep
properties involved. A review was also carried out on some high temperature alloys in which
it was observed that the criterion of a constant slope of the lines specified by the ODS
methodology was even less accurate than the assumption of the LM technique [22]. Another
critical assessment documented in Murry [14] and carried out by Garofalo [8, 23] revealed that
at each test temperature, a separate curve could have been found in relation to the initial stress,
which represents the variations of this method as well as the other two methods of Larson-
Miller and Manson-Haferd. This leads to the conclusion that the parameters studied were not
only functions of stress, but also of other parameters involved in the process. Therefore, this
method is found to be indirect and not taking sufficient account for longer tests [24]. According
to Brozzo [25], a plot of the logarithm of the minimum creep rate against the reciprocal of the
absolute temperature, at constant stresses, should give a series of straight lines. The same
results should be obtained if the logarithm of the time to fracture is plotted against the same
variable, since it is linearly related to the minimum creep rate. Therefore, it was possible to
interpret the ODS and the LM parameters in terms of these plots. However, appreciable
deviations from the claimed linearity were generally exhibited, except possibly for a limited
range of temperatures. The reasons behind the failure of the rate-process equation in solving
this problem can be readily recognised from the possibility of the metal, or the alloy, to deform
according to various creep mechanisms accompanied by different activation energies and
the likelihood of occurrence of some metallurgical changes during creep. Along with these
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findings, direct evidence has been obtained by many investigators that metals and solid
solution alloys can undergo a plastic deformation in different ways depending on the temper-
ature and straining-rate conditions [25].

Therefore, based on these investigations, this methodology needs to include more materials
and different processes in order to construct a complete and a comprehensive agreement about
the value of its constants and the linearity of the plots that its equation implies.

2.5. Review of the Manson-Succop (MS) methodology

The Manson and Succop (MS) methodology [26] is identified by the analysis of the iso-stress
lines in the plot of log tf versus T. The Manson-Succop parameter, PMS, was based on the
parallelism of these lines of a slope that represents the Manson-Succop constant, CMS, and is
given by [26]:

PMS ¼ f σð Þ ¼ log tf þ CMST (9)

This method, in addition to other methods, was reviewed by Zharkova and Botvina [27] who
confirmed that during long-term creep tests, fracture mechanisms changed according to the
applied stress and the loading time. In this regard, they stated that fracture under high applied
stresses was purely intergranular, under medium applied stresses it was also intergranular but
resulted from wedge cracks formation and was also intergranular under low stresses but
resulted from the formation and development of pores along grain boundaries. The change of
fracture mechanisms was responsible for the appearance of the kink points in the long-term
strength curves [27]. The known time-temperature parametric methods such as the Larson-
Miller, Dorn, Manson-Succop, Manson-Haferd and many others, were based on relations with
fixed values of constants in a wide range of temperatures and fracture durations which, in
return, ignored the changes of fracture mechanisms and led to many errors and overestima-
tions of the long-term creep life. For this reason, these methods are not necessarily reliable for
creep life predictions [27].

2.6. Review of the Manson-Brown (MB) methodology

In general, as generated data do not necessarily show a linear trend in their behaviour, it is
then necessary to use more complex functions to fit these data. The simplest function with an
adjustable degree of curvature is the power function. Consequently, it is actually not surprising
to find a generation of non-linear parameters containing the functional forms of the previous
linear parameters raised to some power. The parameter which best illustrates this progression
in complexity is the Manson-Brown parameter, PMB, of the form [28, 29]:

PMB ¼ f σð Þ ¼ log t� log tað Þ= T� Tað Þq (10)

In this expression, there are three constants (ta, Ta and the exponent q) which can be determined
by a ‘trial and error’ graphical method. This equation represents the general form of the previ-
ously mentioned linear parameters such that, it represents [29]: (a) Manson-Haferd equation

Creep Lifing Models and Techniques
http://dx.doi.org/10.5772/intechopen.71826

125



when q = 1, (b) Larson-Miller equation when q = �1 and Ta = 0, (c) Orr-Sherby-Dorn equation
when log ta and 1/Ta are both taken to be arbitrarily very large numbers with the condition that
Ta log ta = Qc and (d) Manson-Succop equation when q = 1 and log ta and Ta are both taken to be
arbitrarily very large numbers such that log ta/Ta = � CMS. This generalised technique is very
beneficial and much better than the individual proposed methods such that the data would
dictate the specific form of the equation instead of trying to force any equation to fit the data.
Later on, Manson along with Roberts and Mendelson proposed a generalised parameter of the
form [30]:

PManson ¼ f σð Þ ¼ σV log t� log tað Þ= T� Tað Þq (11)

where v is an additional stress exponent constant. This equation presents a more generalised
form of the previous methods where more linear parameters can be derived just with a slight
change in the values of the constants involved. These generalised equations, that is, Eqs. (10)
and (11), provide better techniques to predict the creep behaviour since they encompass most
of the known parametric approaches under different test conditions.

2.7. Review of the Monkman-Grant (MG) methodology

The Monkman-Grant (MG) parametric method [8] uses the minimum strain rate, έmin, as a key
variable to assess the time to fracture, tf [31]. Monkman and Grant [8] noticed that the rupture
time in the long-term creep tests could be related to the minimum strain rate by a power
function of the form [8, 31]:

CMG ¼ έmin tf (12)

where CMG is the Monkman-Grant constant and m is the time to fracture exponent. This
equation suggests that the mechanisms that control creep deformation and creep rupture are,
to a great extent, the same [8]. The constant, CMG, in this relation usually depends on temper-
ature [31]. The practical advantage of the Monkman-Grant rule is that the minimum strain
rate, έmin, can be measured early in a creep test which, in return, facilitates the prediction of the
long-term time to fracture, tf. In other words, if the value of CMG is determined, which is
possible from short-term tests, the lifetime of a long-term test can be predicted once the
minimum strain rate has been reached and recorded [31]. On the other hand, another study
which was carried out by Borisenko et al. [18] argued that the product of the minimum creep
rate and the time to fracture is a constant value, CMG, which is independent of stress and
temperature. They also added that the value of this constant ranges between 0.03 and 0.3 for all
materials and that the value of m should be 1.0, which eliminates the exponent from this
equation. But later, and after some experiments that were carried out on tungsten, they found
that the relation must be of the exponential form.

Another interpretation presented by Davies and Wilshire [32], which was based on experi-
ments carried out on pure nickel, suggested that the constant, CMG, was only independent of
stress and temperature under high temperature creep conditions, that is, above 0.45Tm, where
Tm is the absolute melting temperature of a material, whereas higher values of this constant
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were recorded at temperatures below 0.45Tm. Moreover, they found that the value of the
exponent m was not varying appreciably from unity and thus, can be ignored.

Baldan and Kaftelen [33] observed that proportionality was generally found between tf and
έmin when the material was strained. This observation was based on the long-term creep tensile
tests where it was found that the time to fracture was inversely proportional to the power
function of the minimum creep rate for relatively simple alloys such as pure metals and single
phase alloys. Their equation is given by [33]:

CMG ¼ έmin
m tf (13)

where the value of the exponent m ranged between ~0.8 and ~0.95. Besides, it was found that
the value of the constant, CMG, ranged from ~ 2 to ~ 15, depending on the material and the
microstructural variables as this constant represents the contribution of the secondary creep
strain to the total failure strain [33]. This equation was based on when the material was
strained, cavities and cracks grew, linked-up and led, eventually, to an intergranular creep
fracture. Assuming that creep fracture is actually controlled by the creep growth of cavities at
grain boundaries, this result would then be consistent with the Monkman-Grant equation as,
from the very beginning, the fracture process is always linked to the creep process [33].

Dobes and Milicka [34] argued that the value of CMG and m changed according to the applied
stress in contrast to the studies of Davies and Wilshire [32] and Chih-Kuang Lin [31] who
previously found that the value of CMG was dependent on stress and/or temperature. There-
fore, Dobes and Milicka modified the Monkman-Grant relation into the form [34]:

CMG εf ¼ έmin
m tf (14)

where εf is the fracture strain recorded at tf. This relation accounts for a possible stress
dependence of the product (έmin

m tf) due to changes in the fracture strain, εf, according to the
applied stress. However, this modification of the equation does not improve the prediction
capability since, instead of only one long-term creep parameter, that is, tf, their relationship
requires also the knowledge of the second long-term parameter, that is, εf. This is actually
impractical since having known the values of these two parameters eliminates, in return, the
need for any predictions which is mainly the aim of such approaches [35].

Some other studies [36] added that if continuous nucleation occurs, a modelling of the fracture
process might lead to the Monkman-Grant relationship provided that diffusive and plastic
coupling of cavity growth and cavity interactions are considered. Besides, this relationship
might offer the possibility of long-term extrapolation if the same creep-deformation mecha-
nism operates during the whole creep life [37]. A research done by Menon [38] on silicon
nitride examined the applicability of the Monkman-Grant relationship in predicting the stress
rupture life. The data showed that the Monkman-Grant lines relating the rupture life to the
minimum creep rate were stratified with respect to temperature. For this reason, a modifica-
tion to the known expression of the Monkman-Grant equation was proposed to accommodate
this temperature dependence. Following this modification, another generalised form of the
equation was proposed by Evans [39] who stated that the standard Monkman-Grant relation
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has the advantage of the easy estimate of the life of a material once the minimum creep rate is
known. This ability of estimating the life of a material can be practically achieved by testing
specimens at specified operating conditions until the minimum creep rate, which typically
occurs well before the material’s end-of-life, is reached and then, the test can be interrupted.
This creep rate can then be used to predict the long-term creep life using the Monkman-Grant
equation. However, one important disadvantage of using this relation to predict the creep life
is that at operating conditions, it can still take tens of thousands of hours to reach the minimum
creep rate and tests of this length are often not viable from the practical and the economical
perspectives.

Therefore, although the Monkman-Grant relationship is applicable in some situations, there is
still a disagreement about a few details such as the values of the constants used in this
relationship and whether they are stress and/or temperature dependents and thus, more
materials have to be tested and examined using this technique in order to generalise its use.

2.8. Review of the θ-projection methodology

The θ-projection method is one of the extrapolation methods which proved its applicability, in
some situations, in predicting the creep life. It can be summarised in that creep curves under
uniaxial constant stress are measured over a range of stresses and temperatures and their
shapes are recorded. These shapes are then ‘projected’ to other stresses and temperatures at
which full creep curves can be re-constructed. The required properties are then read off the
constructed curves [1, 40]. Thus, the θ-projection concept, in its most general form, the 4-θ
equation, describes the variation of creep strain, ε, with time, t, according to [41]:

ε ¼ θ1 1� exp �θ2 tð Þ� �� θ3 1� exp θ4 tð Þ� �
(15)

where t and T are the time and temperature, respectively, θ1 and θ3 are scaling parameters
defining the extent of the primary and tertiary stages with respect to strain, while θ2 and θ4 are
rate parameters characterising the curvature of the primary and tertiary creep curves, respec-
tively [42]. In this equation, the two terms on the right hand side describe the normal primary
and tertiary components in which a deceleration in creep rate is observed during the primary
stage whereas an acceleration is recorded during the tertiary stage [43, 44]. This method was
extensively studied by Evans [41] who argued that this technique has an added advantage
over the other traditional parametric procedures in that creep predictions are not only limited
to the rupture time. However, it was found that the interpolation and/or the extrapolation of
the θ-function, traditionally used by this method, was not really the best predictor of the long-
term life as more accurate results were obtained using simpler functional forms. Moreover, this
equation was quite poor in fitting the experimental creep curve at small strain values [41].
Deviations from the actual creep measurements were also found when this equation was used,
particularly in the late tertiary stage, by Evans and Wilshire [44] who attributed these devia-
tions to the intergranular cracks that present immediately prior to fracture.

Another study carried out by Evans [45] was in agreement with one done by Evans [41] in that
the θ-projection method gave the poorest projections of creep properties at low strains.
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Therefore, a modification to this equation has been suggested by Evans [45] in order to
improve the fit of the experimental data at the very small strain values. This has been achieved
by adding another two extra parameters to Eq. (2.20), which gave the (6-θ equation) as [45]:

ε ¼ θ1 1� exp �θ2 tð Þ� �� θ3 1� exp θ4 tð Þ� �þ θ5 1� exp �θ6 tð Þ� �
(16)

Now, in this equation, the first two right hand terms have the same physical meaning as in
Eq. (15), whereas the third term describes the early primary creep behaviour that results from
the initial sliding relaxation across grain boundaries [42]. According to Evans [41, 42, 45], this
modified equation provided more precise results when it was used to fit experimental creep
data, especially at the early stages of the primary creep. This was a result of the third term that
has been added which took into account the effect of grain boundary relaxation during the
primary creep that was completely neglected by Eq. (15).

In comparison to the previous parametric methods, theθ-projectionmethodwas considered to be
more reliable and more accurate in estimating the long-term creep life and thus, it has been
widely used and studied in an effort to prove its validity for a wider range of materials. However,
further studies are still needed to assure that the errors encountered by the first proposed model
of this equation are completely eliminated by the introduction of the modified version.

2.9. Review of the hyperbolic tangent methodology

This technique has been developed by Rolls-Royce plc in the 1990s for the purpose of creep lifing
predictions. It implies that the highest stress that can be applied on a specified material at a certain
creep temperature is the ultimate tensile strength of thatmaterial,σTS. The stress rupture behaviour
is described by hyperbolic tangent curves over a wide range of temperatures, such that [46–48]:

σ ¼ σTS=2 1� tanh k ln t=tið Þ½ �f g (17)

where k and ti are fitting parameters that can be obtained by regression analysis using the
actual experimental data at each temperature. Once the values of k and ti are obtained, they
can be inserted into Eq. (17) to produce the stress rupture predictive curves. Alternatively,
using the creep strain values, another hyperbolic function is used to predict the rupture
behaviour, such that [46–48]:

σ ¼ Si 1þ tanh SL ln ε=εið Þ½ �f g (18)

where in this equation, the (σTS/2) term of Eq. (18) has been eliminated and replaced by the
parameter Si whereas k, t and ti have been replaced by SL, ε and εi, respectively. Again, the
values of these parameters can be obtained by regression analysis using the actual experimen-
tal data at each temperature. This method differs from the θ-projection method in that it does
not try to fit the actual creep curves and then find an expression that relates the fitting
constants with stress and temperature, but it represents the creep data at any temperature as
a 3-D surface that combines stress, strain and time [47, 48]. This method provided a very good
fit for the stress rupture and creep strain behaviour based on the time to fracture and creep
strain measurements of many alloys. The only limitation is that inflexion points were found in
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these predictive curves with no theoretical explanation. Interestingly, in the stress rupture
curves, these inflexion points took place at around 0.5σTS at each temperature as a result of
changing the pattern of stress rupture behaviour, which might be expected above and below
σy (or σTS). Moreover, in the strain-dependent rupture curves, this inflexion point was found at
around εi which has a physical significance as the strain value at the minimum creep rate point
of a creep curve [48].

2.10. Review of the minimum commitment (MC) methodology

This method was proposed by Manson and Ensign [49] in an effort to give a larger flexibility to
the parametric analysis of creep data. In addition, it was invented in order to combine all the
conflicting approaches into a single equation that will have a sufficient generality. This method
is given by [49, 50]:

log tþA P log tþ P ¼ G (19)

where t is the time, A is a constant dependent on the metallurgical stability of the alloy, P is a
variable equal to: R1 (T - Tmid) + R2 (1/T - 1/Tmid), G is a variable equal to: (B + C log σ + D σ + E σ2),
and B, C, D, E, R1 and R2 are regression coefficients and Tmid is the mid-value of the temperature
range for which the data are to be analysed. In this equation, it is apparent that there are seven
constants that need to be determined by regression analysis. It was also found that the more
unstable the material, the higher the negative value of A required to fit the data [51]. As the
constant A defines the metallurgical stability of the material, a negative value means that the
material has the tendency to precipitate embrittling phases whereas a zero value would mean
that thematerial is stable [52]. Unfortunately, the use of any value of A other than zero led to non-
linear multiple regressions [52].

Among those who studied this methodology was Jow-Lian Ding [53] who found that the
results of the regression analyses indicated that the Minimum Commitment model fit the data
slightly better than the Larson-Miller model. The reason was that this model has five indepen-
dent variables whereas the Larson-Miller model has only two. This method was also studied
thoroughly by Goldhoff [54] in his attempts to find the optimum value of A. In this regard, he
found that when formulating a model using this technique, the resulting equations were
always non-linear since the values of A and P were unknown. It was also found that when
fitting the short-term data, there was, relatively, insensitivity to the value of Awhich is not true
for the long-term creep data predictions.

In order to establish a confidence in the use and, alternatively, to reflect problems of this
procedure, it should be applied to an existing set of data as well as much sparser data and
there should be immediate research into the development of stability factors to enhance the
effectiveness of this extrapolation procedure [54].

2.11. Review of the Goldhoff-Sherby (GS) methodology

This methodology pre-supposed the convergence of the iso-stress lines to the point (1/Ta, ta)
located just below the region of the experimental data. The general equation of this technique
is given by [55]:
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PGS ¼ f σð Þ ¼ log t� log tað Þ= 1=T� 1=Tað Þ (20)

where ta and Ta are the time and temperature constants, respectively. For the purpose of
examining this equation, it was used to analyse the results of the experiments carried out by
Sobrinho and Bueno [56] on steels where it was found that the worst results were obtained
when the Goldhoff-Sherby equation was used to fit the data in all cases. Therefore, due to the
very narrow use of this methodology in creep data predictions in addition to the fact that only
few studies were carried out to examine the validity of this technique, more research should be
completed before generalising the use of this technique in predicting the creep properties for
long-term purposes.

2.12. Review of the Soviet methodology

This method can be described by two models, namely: Soviet model (1) and (2), given by [57]:

Soviet Model 1ð Þ: log t ¼ aþ b log Tþ c log σþ d=Tþ f σ=T (21)

Soviet Model 2ð Þ: log t ¼ aþ b log Tþ c log σ=Tþ d σ=Tþ f=T (22)

where a, b, c, d and f are constants to be determined. In studying these models, some observa-
tions were presented by Evans [57] who stated that Soviet model (1) was highly effective in
modelling the rupture times presented to it for estimation purposes, but it was totally inade-
quate for predicting data points not used in its estimation. However, this inability to general-
ise, or the tendency to overfit the interpolative data set, is a characteristic of all parametric
techniques [57].

2.13. Review of the Wilshire equations method

By using this new methodology, the values of the minimum creep rate, έm, and the time to
fracture, tf, recorded at different temperatures can be superimposed onto ‘Master Curves’ by
simply normalising the applied stress through the ultimate tensile strength, σTS, measured at
various creep temperatures [5, 6]. Superimposition can also be achieved using the yield
strength, σy, but the data fit is usually poorer since the value of σy is more difficult to be
measured precisely than σTS [58]. Therefore, by selecting σTS values for such purposes,
property comparisons for different metals and alloys can be significantly simplified [5, 6].
Normalising the applied stress in the power law equation, έm = A σn exp(�Qc/RT), and
defining the minimum creep rate, έm, as in the Monkman-Grant relationship, έm = M/tf, gives
[5, 6]:

έm ¼ M=tf ¼ A∗ σ=σTSð Þn exp �Qc∗=RTð Þ (23)

where A* 6¼ A and Qc* 6¼ Qc. In this case, Qc* is determined from the temperature dependence
of έm and/or tf at constant (σ/σTS), in contrast to Qc which is normally calculated at constant σ.
Although this equation still does not permit reliable extrapolation of the short-term measure-
ments as a result of the unpredictable fall in n values as σ/σTS decreases, it reduces, at least, the
scale and the number of the experimental tests undertaken to obtain long-term strength data,
but not the maximum duration of these tests [5, 6].
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The failure of the traditional procedures to give acceptable estimates of the 100,000 h strengths
by the analysis of the 30,000 h data has frequently been attributed to different mechanisms of
creep and/or creep fracture which become dominant in different stress and temperature
regimes [5, 6]. If the dominant mechanism changes, measurements made at high stresses
would not allow prediction of the low-stress behaviour. For this reason, the new methodology
has been introduced to examine and assess whether the change in the failure characteristics
after prolonged creep exposure prevents accurate predictions of the long-term rupture
strengths by extrapolating the short-term creep measurements [5, 6]. In this regard, Wilshire
and Scharning [5, 6] obtained very accurate estimation of the long-term creep-rupture strength
using this technique, irrespective of the transition from transgranular to intergranular fracture,
by extrapolating the short-term creep data.

This technique is mainly based on the data rationalisation achieved through Eq. (23), where it
is possible to rationalise the minimum creep rate, έm, and the time to fracture, tf, measurements
by normalising σ through σTS. Since σTS represents the maximum stress that can be applied on
a material at a specific creep temperature, the data sets can be described over the entire stress
range from (σ/σTS = 1) to (σ/σTS = 0). In addition, it is evident that (έm ! ∞ and tf ! 0) as
(σ/σTS ! 1), whereas (έm ! 0 and tf ! ∞) when (σ/σTS ! 0). These essential criteria are met by
replacing Eq. (23), so that the stress and temperature dependences of the creep lives are
described by [5, 6, 58]:

σ=σTS ¼ exp �k1 tf exp �Qc∗=RTð Þ� �u� �
(24)

where the values of the coefficients k1 and u can be easily evaluated from the plots of ln [tf exp
(� Qc*/RT)] against ln [� ln (σ/σTS)]. The slope of these plots represents the value of u whereas
the intercept with the y-axis represents the value of ln (k1) fromwhich k1 can be calculated. The
value of Qc* can be evaluated at constant σ/σTS by plotting ln (tf) against 1/Twhere the slope of
these plots represents the value of Qc*/R from which Qc* can be obtained. As with the repre-
sentation of stress rupture properties through Eq. (24), the stress and temperature depen-
dences of έm can be described using [5, 6, 58]:

σ=σTS ¼ exp �k2 έm exp Qc∗=RTð Þ� �v� �
(25)

where the values of the coefficients k2 and v can be obtained from the plots of ln [έm exp(Qc*/
RT)] against ln [� ln(σ/σTS)]. The slope of these plots represents the value of v whereas the
intercept with the y-axis represents the value of ln (k2) from which k2 can be calculated. The
value of Qc* can be evaluated at constant σ/σTS by plotting ln (έm) against 1/T where the slope
of these plots represents the value of - Qc*/R from which Qc* can be obtained. In addition to
Eqs. (24) and (25), the planned operational life for some components must take into account the
times required to reach certain limiting strains, tε. As with tf in Eq. (24) and έm in Eq. (25), the
stress and temperature dependences of tε can be quantified as [5, 6]:

σ=σTS ¼ exp �k3 tε exp �Qc∗=RTð Þ� �w� �
(26)

where the values of the coefficients k3 and w can be calculated from the plots of ln [tε exp
(� Qc*/RT)] against ln [�ln (σ/σTS)]. The slope of these plots represents the value of w whereas
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strengths by extrapolating the short-term creep measurements [5, 6]. In this regard, Wilshire
and Scharning [5, 6] obtained very accurate estimation of the long-term creep-rupture strength
using this technique, irrespective of the transition from transgranular to intergranular fracture,
by extrapolating the short-term creep data.

This technique is mainly based on the data rationalisation achieved through Eq. (23), where it
is possible to rationalise the minimum creep rate, έm, and the time to fracture, tf, measurements
by normalising σ through σTS. Since σTS represents the maximum stress that can be applied on
a material at a specific creep temperature, the data sets can be described over the entire stress
range from (σ/σTS = 1) to (σ/σTS = 0). In addition, it is evident that (έm ! ∞ and tf ! 0) as
(σ/σTS ! 1), whereas (έm ! 0 and tf ! ∞) when (σ/σTS ! 0). These essential criteria are met by
replacing Eq. (23), so that the stress and temperature dependences of the creep lives are
described by [5, 6, 58]:

σ=σTS ¼ exp �k1 tf exp �Qc∗=RTð Þ� �u� �
(24)

where the values of the coefficients k1 and u can be easily evaluated from the plots of ln [tf exp
(� Qc*/RT)] against ln [� ln (σ/σTS)]. The slope of these plots represents the value of u whereas
the intercept with the y-axis represents the value of ln (k1) fromwhich k1 can be calculated. The
value of Qc* can be evaluated at constant σ/σTS by plotting ln (tf) against 1/Twhere the slope of
these plots represents the value of Qc*/R from which Qc* can be obtained. As with the repre-
sentation of stress rupture properties through Eq. (24), the stress and temperature depen-
dences of έm can be described using [5, 6, 58]:

σ=σTS ¼ exp �k2 έm exp Qc∗=RTð Þ� �v� �
(25)

where the values of the coefficients k2 and v can be obtained from the plots of ln [έm exp(Qc*/
RT)] against ln [� ln(σ/σTS)]. The slope of these plots represents the value of v whereas the
intercept with the y-axis represents the value of ln (k2) from which k2 can be calculated. The
value of Qc* can be evaluated at constant σ/σTS by plotting ln (έm) against 1/T where the slope
of these plots represents the value of - Qc*/R from which Qc* can be obtained. In addition to
Eqs. (24) and (25), the planned operational life for some components must take into account the
times required to reach certain limiting strains, tε. As with tf in Eq. (24) and έm in Eq. (25), the
stress and temperature dependences of tε can be quantified as [5, 6]:

σ=σTS ¼ exp �k3 tε exp �Qc∗=RTð Þ� �w� �
(26)

where the values of the coefficients k3 and w can be calculated from the plots of ln [tε exp
(� Qc*/RT)] against ln [�ln (σ/σTS)]. The slope of these plots represents the value of w whereas
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the intercept with the y-axis represents the value of ln (k3) fromwhich k3 can be calculated. The
value of Qc* can be evaluated at constant σ/σTS by either plotting ln (tf) and/or ln (έm) against
1/Twhere the value of Qc* can be obtained from the slope of these plots (the slope will be either
Qc*/R or�Qc*/R, respectively). Studies byWilshire and Scharning [5, 6, 59] revealed that using
Eq. (24) allowed extrapolation of the short-term creep life measurements and accurately
predicted the 100,000 h rupture strengths for several martensitic 9–12% chromium steels at
different temperatures. Further studies by Wilshire and Scharning [5, 6] also showed that
Eqs. (23)–(25) permitted effective rationalisation and extended extrapolation of the time to
fracture, tf, the minimum creep rate, έm and the time to certain strains, tε, data for 1Cr-1Mo-
0.25 V steel, despite the tempering of the as received bainitic microstructure and the occurrence
of a gradual transition from transgranular to intergranular fracture during creep exposure. In
another study, Wilshire and Battenbough [58] proved that the stress and temperature depen-
dences of έm and tf were best described using Eqs. (24) and (25) when they used this technique
on polycrystalline copper. Thus, using this new technique will certainly reduce the scale and
duration of the test programmes currently undertaken to define the allowable creep strengths
of power plants and aeroengine applications [59].

3. Analytical and modelling results

3.1. The Larson-Miller technique results

This technique has been investigated in order to find out whether the value of the constant,
CLM, used in its equation is actually a ‘constant’ or dependent on the test conditions. For this
purpose, at constant stresses, log(tf) was plotted against 1/Twhich gave straight lines of a slope
equals to PLM (the Larson-Miller parameter) and an intercept of - CLM (the Larson-Miller
Constant). The first observation that is in agreement with earlier studies [13, 14] was that even
when these lines were extrapolated, they did not intersect at a certain point, which was
assumed to represent the value of CLM, as some studies [9] suggested. Besides, it is obvious
from these plots that the value of CLM is not constant (varied from ~ 14 to ~ 17). This analysis,
therefore, suggests that the value of CLM varies according to the test conditions, which agrees
with previous studies [5, 6, 10, 14] and thus, disagrees with the assumption of the Larson-
Miller technique [7]. However, as a first trial, an average value between 14 and 17 was used in
order to obtain the stress rupture curves based on the Larson-Miller relation, but unfortu-
nately, these curves did not fit the actual measurements accurately. The next attempt was to
force all the creep data to collapse onto a single master curve by plotting the stress, σ, against
the parameter PLM, at randomly selected values of CLM. The value of CLM was considered only
when it fitted the raw data perfectly based on the trial and error method. It was found that the
best fit of the data was obtained when the value of CLM was 20. From this plot, a relationship
between the stress, time and temperature was obtained from which the stress-time predictive
curves were constructed, Figure 5. The obtained curves were linear, equidistant and parallel.
This implies that the relation between the stress and the time is, simply, linear which could
lead, in return, to considerable errors as these curves did not fit the creep data accurately,
especially at the higher stresses of each temperature, which agrees well with previous studies
carried out on steels [12]. Actually, if fitting the creep data was that simple using a linear line,
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there would not have been any need to develop complex relations to fit the data. But since the
creep behaviour requires more complicated fitting equations to describe the actual creep
behaviour, due to changes in creep mechanisms, linear relations will eventually lead to wrong
estimations.

3.2. The Manson-Haferd technique results

As with all techniques, a relationship between the stress and the creep life at various temper-
atures is required. To start with the Manson-Haferd method, log(tf) was plotted against T, at
constant stresses, which gave straight linear lines of slope - PMH, the Manson-Haferd parame-
ter. When these lines were extrapolated, they did not meet at an intersection point of (Ta, ta), as
some studies [15] previously suggested. For this reason, another procedure was followed in
order to calculate the values of these constants from the intersection point of the lines with the
y and x-axes. The intercept of these linear lines represents the value of (PMH Ta + log ta) from
which the value of Ta and ta can be calculated, sequentially. The average calculated values of
Ta and log ta for Titanium IMI834 were ~ 1061 and 29.713, respectively, which differ from the
values suggested by Manson and Haferd and agree with other literature studies [16, 17, 56].
These values were then inserted into the Manson-Haferd equation and plotted against the
stress, σ, at constant temperatures from which a relation between the stress and the Manson-
Haferd parameter was obtained. This plot disagrees with some studies [15] which assumed
that plotting this parameter against the stress superimposes all the data points into a single
master curve. However, the predictive stress-time curves were obtained and plotted along
with the actual creep results, Figure 6. The curves showed a better capability of fitting the
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Figure 5. The Larson-Miller predictive curves.
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actual data points when compared with the Larson-Miller technique. This proves that the more
complex the technique, the better its capability in predicting the creep properties.

3.3. The Orr-Sherby-Dorn technique results

The starting point of using this technique is similar to the Larson-Miller’s analysis in which log(tf)
was plotted against 1/T, at constant stresses. These plots gave straight lines of a slope which
represents the value of COSD, the Orr-Sherby-Dorn constant, and an intercept with the y-axis
equals to - POSD, the Orr-Sherby-Dorn parameter. The first result that can be drawn from these
plots is that the value of COSD is not constant as the slope was changing from ~ 16,244 to ~ 20,053
with changing the stress and temperature. This outcome disagrees with the assumption of Orr,
Sherby and Dorn [20] who assumed that the value of COSD is constant. As with the Larson-Miller
technique, the samemethod employed there was used here to force all the data points to collapse
onto a master curve by plotting the stress, σ, against the Orr-Sherby-Dorn parameter, POSD, with
randomly selected values of COSD. The best fit of data was obtained when the value of COSD was
~ 20,000. This is consistent with the fact that this value lies in the range between 16,244 and
20,053, that is, the values of the slopes of the constant stress lines previously discussed. From this
master curve, a relationship between the stress, time and temperature can be obtained from
which the predictive stress-time curves can be constructed, Figure 7, at all temperatures. The
curves fitted the actual creep data quite well where the curvature of these curves improved the
fit. When comparedwith the Larson-Miller curves, Figure 5, it showedmuch better fit of the data
at all temperatures and stresses. However, the Manson-Haferd curves, Figure 6, showed better
consistency of the predictive curves with the actual data than the Orr-Sherby-Dorn curves,
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Figure 7, as a higher degree of curvature was involved in the Manson-Haferd’s curves as a result
of the more complex function used in its equation.

3.4. The Manson-Succop technique results

The analysis using this technique started with plotting the values of log(tf) against T, at
constant stresses, which gave straight lines of slope equals to - CMS, the Manson-Succop
constant, and an intercept with the y-axis equals to PMS, the Manson-Succop constant. These
plots revealed that the slope, and hence the value of CMS, varied between ~0.024 and 0.028 with
varying the test conditions. This variation is relatively small but it could become more obvious
if the tests conditions varied within a larger range of stresses and temperatures which might
lead to a disagreement with the assumption of Manson and Succop [26] who confirmed that
the value of CMS, should be constant regardless of stress and temperature. However, an
average value for CMS was chosen, ~0.025, to superimpose all the data points onto a single
curve by plotting the stress, σ, against the parameter, PMS, from which a relation between the
stress, time and temperature was obtained, Figure 8. This relation was then used to construct
the stress-time curves on which the actual data points were projected, Figure 8. The stress-time
curves were almost linear, equidistant and parallel (similar to the ones obtained using the
Larson-Miller analysis). However, at the high temperatures (898 and 923 K), the fits were quite
good in the high stress regime in comparison to the poor fits obtained in the low-stress regime.
In contrast, the fits were quite good in the low-stress regime of the lower temperatures
(823, 848 and 873 K), in comparison to the inferior fits obtained in high stress regime at these
temperatures. Generally speaking, the fits were much better than those obtained from the
Larson-Miller’s analysis, but slightly less accurate than those obtained using the Manson-
Haferd and Orr-Sherby-Dorn techniques.

Figure 7. The Orr-Sherby-Dorn predictive curves.
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3.5. The hyperbolic tangent technique results

For the purpose of finding the fitting parameters, plotting tanh�1(1–2(σ/σTS)) against ln(tf), at
constant temperatures, gave straight lines of a slope which represents the value of k and an
intercept point with the y-axis equals to (k ln ti). From these plots, the values of the constant k
and ti were calculated at each corresponding temperature. These values were then inserted into
the hyperbolic tangent equation from which the predictive stress-time curves were obtained,
Figure 9. These curves showed an impressive fit of the actual creep data as a result of the
complex functions used in this technique and thus, the smooth curvature which improved the
fit. It can also be observed that there is an inflexion point at around 50% σTS, at each
corresponding temperature, which agrees with other studies [46–48] and implies that the creep
mechanism is dependent on the applied stress level. Another observation is that at the inter-
mediate temperatures, that is, 848 and 873 K, the curves slightly deviated from the actual creep
data trend at the stresses between ~300 and 500 MPa. Even though, this technique can be
considered as an easy and a straightforward method which directly relates the stress to the
time and temperature without the need to superimpose the data onto a master curve to obtain
the stress as a function of these two parameters, as with the previous techniques. Moreover, the
predictions are much better and more reliable than all of the previously obtained results of the
other methods, as can be seen from the constructed plots.

3.6. The Goldhoff-Sherby technique results

This technique is very similar to the Manson-Haferd methodology concerning the procedure of
analysing the Titanium IMI834 data with the only difference that log(tf) is plotted against the
reciprocal of T at constant stresses where the slope of the lines represents the value of the
Goldhoff-Sherby parameter, PGS. Moreover, this plot provides the value of the constants log

Figure 8. The Manson-Succop predictive curves.
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ta and 1/Ta from which a relationship between the stress and the Goldhoff-Sherby parameter,
PGS, can be obtained. For this purpose, an average value of log ta and 1/Ta were taken as 15.824
and 0.0008, respectively. These relations between the stress and the parameter PGS were then
used in order to construct the stress rupture curves which showed a very good description of
the actual creep results, Figure 10. The curves are very similar to those obtained by the
Manson-Haferd technique which explains the similarity between these two methodologies
in analysing the creep data. This again proves that the more complex the technique, the better
its capability in predicting the long-term creep properties when compared to the simpler
techniques.

3.7. The θ-projection technique results

Unlike the previously discussed models, this method was intended to fit the actual creep
curves at various conditions and then express the fitting constants as functions of stress and
temperature. The first version of this technique, the 4-θ was slightly able to fit the actual creep
curves of Titanium IMI834. However, it did not give a very accurate description of the primary
creep as many previous studies [41, 45] concluded, Figure 11. For this reason, the other version
of this technique, the 6-θ, was used to fit the actual creep curves. Surprisingly, this equation
provided a much better description of the primary creep behaviour which agreed very well
with previous studies [41, 42, 45], Figure 12. This improvement in accurately fitting the
primary creep confirms that the added two parameters, that is, θ5 and θ6, to the first version
of this equation took into account the effect of grain boundary relaxation during the primary
creep [42]. For both versions of the θ-method, the fitting procedure was possible by finding the
values of the θ-parameters involved in their equation. The values of these parameters were

Figure 9. The hyperbolic tangent predictive curves.
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obtained by non-linear least square curve fitting routines (using SOLVER in Excel). Having
obtained these parameters, many points and regions along the creep curve can then be
defined, such as the primary and tertiary points, the minimum creep rate point, and the creep
fracture, or the total ductility point. In these plots, the variation of each θ-term was plotted

Figure 10. The Goldhoff-Sherby predictive curves.

Figure 11. The fitting of the creep curve using the 4-θ method.
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against stress at each individual temperature. The 4-θ results did not provide a systematic
variation of the θ-parameters with stress for the primary creep region whereas the variation
with the stress for the tertiary stage was slightly better, as it was found before [41]. This might
be a result of the poor fit capability of this equation for the primary creep region. On the other
hand, the 6-θ results provided a better description of all regions along the creep curve which is
evident from the smooth and the linear variation with the stress. However, the trend of θ3 and
θ5 was not purely linear, as they were, respectively, increasing/decreasing up to a certain stress
level where they started to decrease/increase again at higher values of stress above that point.
This unexpected change in the slope of these two parameters made it difficult to express them
as a function of stress. If the trend of all parameters was completely linear, the values of these
parameters could have been derived for any stress within the ranges studied experimentally.
This means that this trend could have allowed interpolation of the data, although it might have
also allowed reasonable extrapolation of creep properties. If the linear trends of the values of
these parameters have been obtained, this means that they could have been expressed as
functions of stresses and temperatures such that:

θ ¼ f σ;Tð Þ (27)

which means that Eqs. (15) and (16) could have been re-written as:

ε ¼ f t;σ;Tð Þ (28)

In conclusion, this method requires the availability of full creep curves prior to using it as a
predictive tool. This technique can be considered as a ‘fitting’ technique rather than a ‘predic-
tive’model as the stress-time curves cannot be derived from its equation.

Figure 12. The fitting of the creep curve using the 4-θ method.

Creep140



against stress at each individual temperature. The 4-θ results did not provide a systematic
variation of the θ-parameters with stress for the primary creep region whereas the variation
with the stress for the tertiary stage was slightly better, as it was found before [41]. This might
be a result of the poor fit capability of this equation for the primary creep region. On the other
hand, the 6-θ results provided a better description of all regions along the creep curve which is
evident from the smooth and the linear variation with the stress. However, the trend of θ3 and
θ5 was not purely linear, as they were, respectively, increasing/decreasing up to a certain stress
level where they started to decrease/increase again at higher values of stress above that point.
This unexpected change in the slope of these two parameters made it difficult to express them
as a function of stress. If the trend of all parameters was completely linear, the values of these
parameters could have been derived for any stress within the ranges studied experimentally.
This means that this trend could have allowed interpolation of the data, although it might have
also allowed reasonable extrapolation of creep properties. If the linear trends of the values of
these parameters have been obtained, this means that they could have been expressed as
functions of stresses and temperatures such that:

θ ¼ f σ;Tð Þ (27)

which means that Eqs. (15) and (16) could have been re-written as:

ε ¼ f t;σ;Tð Þ (28)

In conclusion, this method requires the availability of full creep curves prior to using it as a
predictive tool. This technique can be considered as a ‘fitting’ technique rather than a ‘predic-
tive’model as the stress-time curves cannot be derived from its equation.

Figure 12. The fitting of the creep curve using the 4-θ method.

Creep140

3.8. The Wilshire technique results

In order to start the analysis using this technique, it was essential to find the value of the
apparent activation energy, Qc*, the tensile strength, σTS, at the applied temperatures and the
values of the fitting parameters (k1, k2, k3, u, v and w). Unlike the calculations of Qc, described
in the power law equation, at constant σ, the value of Qc* was determined at constant σ/σTS

using the power law principle. This was possible by either plotting ln(tf) or ln(έm) against 1/T at
constant σ/σTS where the slope of these plots represents the value of Qc*/R and - Qc*/R,
respectively. From the plot of ln(tf) against 1/T, the value of Qc* was ~305 kJ/mol whereas it
was ~ 332 kJ/mol from the plots of ln(έm) against 1/T. The difference in the value of Qc* using
either of these two procedures was not too large and thus, an overall average value of
320 kJ/mol was used to run the analysis. It can be seen that this overall value of Qc* is not far
away from the value of Qc (~327–344 kJ/mol) calculated at constant σ. The values of the
constants k1 and u were determined by plotting ln(�ln σ/σTS) against ln(tf exp(� Qc*/RT))
where the slope of these plots provided the value of u whereas the intercept is the value of ln
k1. However, it was observed that the linear trend of these plots deviated at a certain point that
separated the data into two linear regimes, namely: the high- and the low-stress regimes.
Based on this fact, different values of u and k1 were obtained from these two regimes. The
predictive curves, Figure 13, showed a superb fit of the actual measurements in both the high
and the low-stress regimes at all temperatures. It can be observed from these curves that there
is a ‘kink’ point at which the trend of the creep data changed according to the stress level
involved. This point exactly corresponds to the point found earlier in the plots of ln (�ln σ/σTS)
against ln (tf exp(� Qc*/RT)) and this confirms that the dependence on stress level is more
dominant than the temperature dependence, as the generated sigmoidal curve implied when

Figure 13. The Wilshire equations predictive curves.
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the temperature dependence was eliminated. This predictability of the long-term creep behav-
iour using this equation proves that it is possible to extrapolate the short-term creep measure-
ments at all test conditions.

Interestingly, the lines of the Wilshire ‘kink’ points and the yield stress regression line were
linear, equidistant and parallel (slope ~ 0.6). Besides, the ratio of the stresses at the kink points
was ~ 85% of the yield stress at each corresponding temperature. This implies that the inflexion
points of the Wilshire curves are a result of the different deformation mechanisms above and
below the material’s yield point which play a key role in the creep behaviour. This physical
explanation provides a possible reason for having two stress regimes and thus, the ‘kink’ in the
predictive curves. It is worthwhile mentioning that the kink points were ~ 60% of the ultimate
tensile strength, which is almost consistent with the hyperbolic tangent technique results,
Figure 9, where the inflexion point of its curves was at ~50% of the ultimate tensile strength at
each corresponding temperature.

It was found that the value of w and k3 used in Eq. (26) is independent of stress and temper-
ature at any selected strain level. This means that they can be expressed over a range of
selected strains, such that:

w ¼ f 1 εð Þ (29)

and

k3 ¼ f 2 εð Þ (30)

Inserting these two expressions into Eq. (26) gives:

σ=σTS ¼ exp �f 2 εð Þ tε exp �Qc∗=RTð Þ� �f 1 εð Þ� �
(31)

Rearranging this equation will provide an equation that relates the strain, ε, to stress, σ, and
temperature, T, with time, t, such that:

ε ¼ f t;σ;Tð Þ (32)

Obtaining Eq. (32) means that full creep curves at various stresses and temperatures can
be re-produced based on the Wilshire equations technique. This was confirmed by the
re-constructed creep curves obtained from the Titanium IMI834 data, Figure 14. These plots
provided a full description of the creep curves at various conditions in addition to the very
impressive description of the primary creep. The primary creep was described very well in
mostly all cases of stresses and temperatures. The advantage of this capability can be
summarised in that when the time required to reach a certain strain level is obtained from a
creep curve, the stress-time curves for that strain level can be constructed based on this
equation. Moreover, expressing w and k3 as functions of strain can provide a description of
the creep curves at any stress and temperature. Similarly, these equations present a way to
define the end point of the creep curve. In other words, when the time to fracture is obtained
from any creep curve, it can be used to construct the stress rupture curves based on this
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the temperature dependence was eliminated. This predictability of the long-term creep behav-
iour using this equation proves that it is possible to extrapolate the short-term creep measure-
ments at all test conditions.

Interestingly, the lines of the Wilshire ‘kink’ points and the yield stress regression line were
linear, equidistant and parallel (slope ~ 0.6). Besides, the ratio of the stresses at the kink points
was ~ 85% of the yield stress at each corresponding temperature. This implies that the inflexion
points of the Wilshire curves are a result of the different deformation mechanisms above and
below the material’s yield point which play a key role in the creep behaviour. This physical
explanation provides a possible reason for having two stress regimes and thus, the ‘kink’ in the
predictive curves. It is worthwhile mentioning that the kink points were ~ 60% of the ultimate
tensile strength, which is almost consistent with the hyperbolic tangent technique results,
Figure 9, where the inflexion point of its curves was at ~50% of the ultimate tensile strength at
each corresponding temperature.

It was found that the value of w and k3 used in Eq. (26) is independent of stress and temper-
ature at any selected strain level. This means that they can be expressed over a range of
selected strains, such that:

w ¼ f 1 εð Þ (29)

and

k3 ¼ f 2 εð Þ (30)

Inserting these two expressions into Eq. (26) gives:

σ=σTS ¼ exp �f 2 εð Þ tε exp �Qc∗=RTð Þ� �f 1 εð Þ� �
(31)

Rearranging this equation will provide an equation that relates the strain, ε, to stress, σ, and
temperature, T, with time, t, such that:

ε ¼ f t;σ;Tð Þ (32)

Obtaining Eq. (32) means that full creep curves at various stresses and temperatures can
be re-produced based on the Wilshire equations technique. This was confirmed by the
re-constructed creep curves obtained from the Titanium IMI834 data, Figure 14. These plots
provided a full description of the creep curves at various conditions in addition to the very
impressive description of the primary creep. The primary creep was described very well in
mostly all cases of stresses and temperatures. The advantage of this capability can be
summarised in that when the time required to reach a certain strain level is obtained from a
creep curve, the stress-time curves for that strain level can be constructed based on this
equation. Moreover, expressing w and k3 as functions of strain can provide a description of
the creep curves at any stress and temperature. Similarly, these equations present a way to
define the end point of the creep curve. In other words, when the time to fracture is obtained
from any creep curve, it can be used to construct the stress rupture curves based on this
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equation. In conclusion, in aerospace applications where the time to reach pre-defined strain
levels is the main concern, typically ~1% strain level, then this technique provides an impres-
sive description of the low strain levels required for such applications from the constructed
creep curves.

4. Conclusions

• Using Titanium IMI834 data, it was revealed that the value of the stress exponent n and
the activation energy Qc used in the power law equation are not constants which violates
the original assumption of the power law which assumed that the value of these param-
eters is constant. This limits the use of this equation for long-term creep predictions.
However, this equation can still be used as a mean to measure the value of the activation
energy for different materials.

• When the Larson-Miller equation was examined using the Titanium IMI834, it was found
that the value of the Larson-Miller constant CLM was actually not constant when the test
conditions were altered. This disagrees with the assumption of Larson and Miller who
assumed that the value of this ‘constant’ should be taken as 20 for all materials under all
tests conditions. Moreover, the graphical method suggested by some scholars for
obtaining the value of CLM was invalid for Titanium IMI834. Instead, an alternative
procedure was used for determining the value of this constant. The stress rupture curves
obtained from this equation were linear, equidistant and parallel. However, even with the

Figure 14. The re-produced creep curves using the Wilshire equations technique.
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best chosen value of this constant, these curves did not fit the actual creep measurements
accurately which led to overestimations of the long-term properties.

• The graphical method that was previously suggested by Manson and Haferd for deter-
mining the value of the constants Ta and ta was not applicable to Titanium IMI834. For
this reason, another approach was used to find the values of these constants. Plotting the
Manson-Haferd parameter PMH against the stress did not superimpose all the data points
onto a single curve which violates the suggestions previously assumed by some
researchers. The stress rupture curves showed a better consistency with the actual creep
measurements when compared to the Larson and Miller curves. This capability of fitting
the data points is a result of the more complex functions used in this equation in compar-
ison to the Larson-Miller equation which suggests linear functions.

• The Orr-Sherby-Dorn equation was examined using the Titanium IMI834 creep data. The
results showed that the constant used in their equation was not purely constant as it
varied according to the applied test conditions. The stress rupture curves obtained fitted
the actual creep data quite well and were more accurate than the Larson-Miller equation
but less accurate than the Manson-Haferd relation.

• Applying the Titanium IMI834 data on the Manson-Succop equation revealed that the
‘constant’ used in their equation is actually not a constant and varied according to the test
conditions which violates their assumption. Even when the best value of this ‘constant’
was used, the stress rupture curves were almost similar to those obtained from the Larson
and Miller equation in that they were linear, equidistant and parallel. Despite this similar-
ity, these curves fitted the actual measurements quite better than the Larson and Miller
results. However, they were less accurate than the Manson-Haferd and the Orr-Sherby-
Dorn equations.

• The hyperbolic tangent equation fitted the actual Titanium IMI834 creep measurements
very well in comparison to all the previously used models. This equation is a straightfor-
ward and a more accurate procedure to be used for creep properties predictions. Interest-
ingly, the inflexion points that can be observed in the stress rupture curves of this equation
were found at ~50% of the ultimate tensile strength at each temperature. This means that
the change in the long-term creep behaviour corresponds to the change in the applied
stress level.

• The results of the 6-θ equation described the primary creep of Titanium IMI834 much more
accurately when compared to the 4-θ equation at all test conditions. These two equations
require full creep curves to be available in advance before they can be used in any applica-
tion which makes them as ‘fitting’ equations rather than ‘predictive’ techniques. However, it
was difficult to express the θ-parameters used in these equations as functions of stress
which made it impossible to re-produce full creep curves based on these equations.

• The Wilshire equations showed a superb capability in fitting the actual measurements of
Titanium IMI834. This was proved using the three forms of the Wilshire technique which
accurately predicted the stress rupture, the minimum creep rate and the time to pre-
defined strain values, respectively.
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best chosen value of this constant, these curves did not fit the actual creep measurements
accurately which led to overestimations of the long-term properties.

• The graphical method that was previously suggested by Manson and Haferd for deter-
mining the value of the constants Ta and ta was not applicable to Titanium IMI834. For
this reason, another approach was used to find the values of these constants. Plotting the
Manson-Haferd parameter PMH against the stress did not superimpose all the data points
onto a single curve which violates the suggestions previously assumed by some
researchers. The stress rupture curves showed a better consistency with the actual creep
measurements when compared to the Larson and Miller curves. This capability of fitting
the data points is a result of the more complex functions used in this equation in compar-
ison to the Larson-Miller equation which suggests linear functions.

• The Orr-Sherby-Dorn equation was examined using the Titanium IMI834 creep data. The
results showed that the constant used in their equation was not purely constant as it
varied according to the applied test conditions. The stress rupture curves obtained fitted
the actual creep data quite well and were more accurate than the Larson-Miller equation
but less accurate than the Manson-Haferd relation.

• Applying the Titanium IMI834 data on the Manson-Succop equation revealed that the
‘constant’ used in their equation is actually not a constant and varied according to the test
conditions which violates their assumption. Even when the best value of this ‘constant’
was used, the stress rupture curves were almost similar to those obtained from the Larson
and Miller equation in that they were linear, equidistant and parallel. Despite this similar-
ity, these curves fitted the actual measurements quite better than the Larson and Miller
results. However, they were less accurate than the Manson-Haferd and the Orr-Sherby-
Dorn equations.

• The hyperbolic tangent equation fitted the actual Titanium IMI834 creep measurements
very well in comparison to all the previously used models. This equation is a straightfor-
ward and a more accurate procedure to be used for creep properties predictions. Interest-
ingly, the inflexion points that can be observed in the stress rupture curves of this equation
were found at ~50% of the ultimate tensile strength at each temperature. This means that
the change in the long-term creep behaviour corresponds to the change in the applied
stress level.

• The results of the 6-θ equation described the primary creep of Titanium IMI834 much more
accurately when compared to the 4-θ equation at all test conditions. These two equations
require full creep curves to be available in advance before they can be used in any applica-
tion which makes them as ‘fitting’ equations rather than ‘predictive’ techniques. However, it
was difficult to express the θ-parameters used in these equations as functions of stress
which made it impossible to re-produce full creep curves based on these equations.

• The Wilshire equations showed a superb capability in fitting the actual measurements of
Titanium IMI834. This was proved using the three forms of the Wilshire technique which
accurately predicted the stress rupture, the minimum creep rate and the time to pre-
defined strain values, respectively.
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• In the Wilshire predictive curves, it was observed that there are inflexion, or ‘kink’, points
at all temperatures. Investigations confirmed that these inflexion points took place at
~75% of the yield stress value at each corresponding temperature which split each curve
into a high- and a low-stress regime. These points were also ~60% of the ultimate tensile
stress which is almost consistent with the hyperbolic tangent equation results. This phys-
ical explanation implies that different deformation mechanisms are involved at each of
these stress regimes.

• Full creep curves were re-constructed based on the Wilshire technique. This was possible by
expressing the constants used in theWilshire equation that predicts the time to reach certain
strain levels as functions of strain, which was found to be impossible with the θ-technique.
The re-constructed creep curves showed a very good description of the creep behaviour of
Titanium IMI834 at all stresses and temperatures. The primary creep was also described
very accurately, especially at the lower stress levels. This ability of re-producing the creep
curves will, in return, save the time and cost required to carry out creep tests that might last
for very long durations of time, especially at the lower stress levels.

Author details

Zakaria Abdallah*, Karen Perkins and Cris Arnold

*Address all correspondence to: Z.A.M.Abdallah@Swansea.ac.uk

Institute of Structural Materials, Swansea University, UK

References

[1] Wilshire B, Evans R. Introduction to Creep. London: The Institute of Materials; 1993

[2] Penny R, Marriott D. Design for Creep. 2nd ed. London: Chapman & Hall; 1995

[3] Cane B, Aplin P. Creep life assessment methods. The Journal of Strain Analysis for
Engineering Design. Cane B & Aplin P, 1994. Creep life assessment methods. The Journal
of Strain Analysis for Engineering Design. 1994;29(3):225-232

[4] Brown S, Evans R, Wilshire B. Creep strain and creep life prediction for the cast nickel-
based Superalloy IN-100. Materials Science and Engineering. 1986;84:147-156

[5] Wilshire B, Scharning P. A new methodology for analysis of creep and creep fracture data
for 9-12% chromium steels. International Materials Reviews. 2008;53(2):91-104

[6] Wilshire B, Scharning P. Prediction of long-term creep data for forged 1Cr-1Mo-0.25V
steel. Materials Science and Technology. 2008;24(1):1-9

[7] Larson F, Miller J. A time-temperature relationship for rupture and creep stresses. Trans.
ASME. 1952;74:223-249

Creep Lifing Models and Techniques
http://dx.doi.org/10.5772/intechopen.71826

145



[8] Monkman F, Grant N. An empirical relationship between rupture life and minimum
creep rate in creep rupture tests. S.L. Proceedings ASTM. 1956;56:593-620

[9] Grote K, Antonsson E. Springer Handbook of Mechanical Engineering: Mechanical Prop-
erties. New York: Springer Science & Business Media; 2009

[10] Krivenyuk V, Mamuzic I. Correlation of creep-rupture data for complex alloys at elevated
temperatures. Metalurgija. 2007;46(2):79-85

[11] Gilbert J, Long Z, Ningileri S. Application of Time-Temperature-Stress Parameters to
High Temperature Performance of Aluminium Alloys. The Minerals, Metals & Materials
Society, London, UK; 2007, 2007

[12] Cipolla L, Gabrel J. New Creep Rupture Assessment of Grade 91. University of Cam-
bridge, Department of Materials Science and Metallurgy, Phase Transformations & Com-
plex Properties Research Group, Cambridge, UK; 2005, 2005. Available at: https://
www.phase-trans.msm.cam.ac.uk/2005/LINK/162.pdf

[13] Larke E, Inglis N. A critical examination of some methods of analysing and extrapolating
stress-rupture data. s.l. Proceedings of the Institution of Mechanical Engineers. 1963

[14] Murry G. Extrapolation of the results of creep tests by means of parametric formulae. s.l.
Proceedings of the Institution of Mechanical Engineers. 1963

[15] Manson S, Haferd A. A linear time-temperature relation for extrapolation of creep and
stress-rupture data, s.l. In: NACATechnical Note 2890. 1953

[16] Murray J, Truman R. The high temperature properties of Cr-Ni-Nb and Cr-Ni-Mo aus-
tenitic steels. s.l. Proceedings of the Institution of Mechanical Engineers. 1963

[17] Bueno L, Sordi V, Marino L. Constant load creep data in air and vacuum on 2.25Cr-1Mo
steel from 600�C to 700�C. Materials Research. 2005;8(4):401-408

[18] Sobrinho J, Bueno L. Correlation between creep and hot tensile behaviour for 2.25 Cr-
1Mo steel from 500�C to 700�C. Part 2: An assessment according to different parameter-
ization methodologies. Revista Matéria. 2012;17(3):1098-1108

[19] Pink E. Physical significance and reliability of Larson-Miller and Manson-Haferd param-
eters. Materials Science and Technology. 1994;10(4):340-346

[20] Orr R, Sherby O, Dorn J. Correlation of rupture data for metals at elevated temperatures.
Trans. ASM. 1954;46

[21] Carreker R. Plastic flow of platinum wires. Journal of Applied Physics. 1950;21

[22] Mullendore A, Dhosi JW, Grant N. Study of parameter techniques for the extrapolation of
creep rupture properties, in Conference Proceedings 1963. S.L. Proceedings of the Insti-
tution of Mechanical Engineers. 1963

[23] Garofalo F, Smith G, Royle B. Validity of time compensated temperature parameters for
correlating creep and creep rupture data. Trans. Amer. Soc. Mech. Engs. 1956

Creep146



[8] Monkman F, Grant N. An empirical relationship between rupture life and minimum
creep rate in creep rupture tests. S.L. Proceedings ASTM. 1956;56:593-620

[9] Grote K, Antonsson E. Springer Handbook of Mechanical Engineering: Mechanical Prop-
erties. New York: Springer Science & Business Media; 2009

[10] Krivenyuk V, Mamuzic I. Correlation of creep-rupture data for complex alloys at elevated
temperatures. Metalurgija. 2007;46(2):79-85

[11] Gilbert J, Long Z, Ningileri S. Application of Time-Temperature-Stress Parameters to
High Temperature Performance of Aluminium Alloys. The Minerals, Metals & Materials
Society, London, UK; 2007, 2007

[12] Cipolla L, Gabrel J. New Creep Rupture Assessment of Grade 91. University of Cam-
bridge, Department of Materials Science and Metallurgy, Phase Transformations & Com-
plex Properties Research Group, Cambridge, UK; 2005, 2005. Available at: https://
www.phase-trans.msm.cam.ac.uk/2005/LINK/162.pdf

[13] Larke E, Inglis N. A critical examination of some methods of analysing and extrapolating
stress-rupture data. s.l. Proceedings of the Institution of Mechanical Engineers. 1963

[14] Murry G. Extrapolation of the results of creep tests by means of parametric formulae. s.l.
Proceedings of the Institution of Mechanical Engineers. 1963

[15] Manson S, Haferd A. A linear time-temperature relation for extrapolation of creep and
stress-rupture data, s.l. In: NACATechnical Note 2890. 1953

[16] Murray J, Truman R. The high temperature properties of Cr-Ni-Nb and Cr-Ni-Mo aus-
tenitic steels. s.l. Proceedings of the Institution of Mechanical Engineers. 1963

[17] Bueno L, Sordi V, Marino L. Constant load creep data in air and vacuum on 2.25Cr-1Mo
steel from 600�C to 700�C. Materials Research. 2005;8(4):401-408

[18] Sobrinho J, Bueno L. Correlation between creep and hot tensile behaviour for 2.25 Cr-
1Mo steel from 500�C to 700�C. Part 2: An assessment according to different parameter-
ization methodologies. Revista Matéria. 2012;17(3):1098-1108

[19] Pink E. Physical significance and reliability of Larson-Miller and Manson-Haferd param-
eters. Materials Science and Technology. 1994;10(4):340-346

[20] Orr R, Sherby O, Dorn J. Correlation of rupture data for metals at elevated temperatures.
Trans. ASM. 1954;46

[21] Carreker R. Plastic flow of platinum wires. Journal of Applied Physics. 1950;21

[22] Mullendore A, Dhosi JW, Grant N. Study of parameter techniques for the extrapolation of
creep rupture properties, in Conference Proceedings 1963. S.L. Proceedings of the Insti-
tution of Mechanical Engineers. 1963

[23] Garofalo F, Smith G, Royle B. Validity of time compensated temperature parameters for
correlating creep and creep rupture data. Trans. Amer. Soc. Mech. Engs. 1956

Creep146

[24] Allen N. The Extrapolation of Creep Tests, A Review of Recent Opinion. Institute of
Metals, London, UK; 1960

[25] Brozzo P. A method for the extrapolation of creep and stress-rupture data of complex
alloys. s.l. Proceedings of the Institution of Mechanical Engineers. 1963

[26] Manson S, Succop G. Stress-Rupture Properties of Inconel 700 and Correlation on the
Basis of Several Time-Temperature Parameters. ASTM; 1956 Special Technical Publication
(No. 174)

[27] Zharkova N, Botvina L. Estimate of the life of a material under creep conditions in the
phase transition theory. Doklady Physics. 2003;4(7). (translated from Doklady Akademii
Nauk, 2003. Volume: 391 (No. 3): p. 334-336. Original Russian Text Copyright)

[28] Manson S, Brown W. Time-temperature-stress relaxations for the correlation and extrap-
olation of stress-rupture data. s.l. Proceedings of the ASTM. 1953

[29] Viswanathan R. Damage Mechanisms and Life Assessment of High-Temperature Com-
ponents. 2nd ed. Ohio: ASM International; 1993

[30] Manson S. Design consideration for long life at elevated temperatures. s.l. Proceedings of
the Institution of Mechanical Engineers. 1963

[31] Lin C, Chu D. Creep rupture of lead-free Sn-3.5Ag and Sn-3.5Ag-0.5Cu solders. Journal
of Materials Science: Materials in Electronics. 2005;16:355-365

[32] Davies P, Wilshire B. An Interpretation of the Relationship Between Creep and Fracture.
s.l. The Iron and Steel Institute; 1960

[33] Baldan A, Kaftelen H. Comparative creep damage assessments using the various models.
Journal of Materials Science. 2004;39(13):81-87

[34] Dobes F, Milicka K. The relation between minimum creep rate and time to fracture. Metal
Science. 1976;10(11):382-384

[35] Dlouhy A, Kucharova K, Orlova A. Long-term creep and creep rupture characteristics of
TiAl-base intermetallics, structural materials: Properties, microstructure and processing.
Materials Science and Engineering A. 2009;510/511:350-355

[36] Davanas K, Solomon A. Theory of Intergranular creep cavity nucleation, growth and
interaction. Acta Metallurgica. 1990;38(10):1905-1916

[37] Baldan A. Effects of carbides and cavitation on the Monkman-Grant ductility of a nickel-
base superalloy. Journal of Materials Science Letters. 1992;11(19):1315-1318

[38] Menon M et al. Creep and stress rupture behaviour of an advanced silicon nitride: Part
III, stress rupture and the Monkman-Grant relationship. Journal of the American Ceramic
Society. 1994;5:77

[39] Evans M. A generalised Monkman-Grant relation for creep life prediction: An application
to 1CrMoV rotor steel. Journal of Materials Science. 2006;12:41

Creep Lifing Models and Techniques
http://dx.doi.org/10.5772/intechopen.71826

147



[40] Tancret F, Sourmail T, Yescas M, Evans R. Design of a creep resistant nickel-base superal-
loy for power plant applications: Part 3 (experimental results). Materials Science and
Technology. 2003;19

[41] Evans M. Sensitivity of the theta projection technique to the functional form of the theta
interpolation/extrapolation function. Journal of Materials Science. 2002;14:37

[42] Evans R, Scharning P. The theta projection method applied to small strain creep of
commercial aluminum alloy. Materials Science and Technology. 2001;17(5):31-45

[43] Evans R, Little E, Preston J, Wilshire B. 1993. Rationalisation of the creep behaviour of
oxide-dispersion-strengthened alloys. s.l.. Fifth International Conference on Creep and
Fracture of Engineering Materials and Structures

[44] Evans R, Wilshire B. The Role of Grain Boundary Cavities During Tertiary Creep. s.l. UK:
Department of Metallurgy & Materials Technology, Swansea University; 2001. pp. 303-314

[45] Evans R. The theta projection method and low creep ductility materials. Materials Science
and Technology. 2000;16(1):48-65

[46] Williams S. An Automatic Technique for the Analysis of Stress Rupture Data—Report
MFR30017, s.l. Derby, UK: Rolls-Royce Plc; 1993

[47] Williams S. 1999. The implementation of creep data in component FE analysis. s.l. Com-
pass 1999 Proceedings of the 1st International Conference on Component Optimisation,
University of Wales, Swansea, United Kingdom

[48] Williams S, Bache M, Wilshire B. Recent developments in the analysis of high tempera-
ture creep and creep fracture behaviour. Materials Science and Technology. 2009

[49] Manson S, Ensign C. A Specialised Model for Analysis of Creep-Rupture Data by the
Minimum Commitment, Station-Function Approach. s.l.: NASATM-X-52999; 1971

[50] White W, May I, Silviera T. Design parameters for high temperature creep and the
minimum-commitment method. Journal of Materials for Energy Systems. 1980;2(2):51-59

[51] Manson S, Ensign C. Interpolation and extrapolation of creep rupture data by the mini-
mum commitment method, Part 1: Focal-point convergence. s.l. NASATM-78881; 1978

[52] Park J, Manson S. A new approach for the characterisation of creep rupture properties for
a newly fabricated material. s.l. The Sixth International Conference on Creep and Fatigue
Design and Life Assessment at High Temperatures; 1996

[53] Ding J, Kenneth C, Brinkman C. A comparative study of existing and newly proposed
models for creep deformation and life prediction of Si3N4. In: Life Prediction Methodol-
ogies and Data for Ceramic Materials. s.l.: s.n.; 1994. pp. 62-83

[54] Goldhoff R. Towards the standardisation of time-temperature parameter usage in elevated
temperature data analysis. Journal of Testing and Evaluation, JTEVA 2. 1974;5:387-424

Creep148



[40] Tancret F, Sourmail T, Yescas M, Evans R. Design of a creep resistant nickel-base superal-
loy for power plant applications: Part 3 (experimental results). Materials Science and
Technology. 2003;19

[41] Evans M. Sensitivity of the theta projection technique to the functional form of the theta
interpolation/extrapolation function. Journal of Materials Science. 2002;14:37

[42] Evans R, Scharning P. The theta projection method applied to small strain creep of
commercial aluminum alloy. Materials Science and Technology. 2001;17(5):31-45

[43] Evans R, Little E, Preston J, Wilshire B. 1993. Rationalisation of the creep behaviour of
oxide-dispersion-strengthened alloys. s.l.. Fifth International Conference on Creep and
Fracture of Engineering Materials and Structures

[44] Evans R, Wilshire B. The Role of Grain Boundary Cavities During Tertiary Creep. s.l. UK:
Department of Metallurgy & Materials Technology, Swansea University; 2001. pp. 303-314

[45] Evans R. The theta projection method and low creep ductility materials. Materials Science
and Technology. 2000;16(1):48-65

[46] Williams S. An Automatic Technique for the Analysis of Stress Rupture Data—Report
MFR30017, s.l. Derby, UK: Rolls-Royce Plc; 1993

[47] Williams S. 1999. The implementation of creep data in component FE analysis. s.l. Com-
pass 1999 Proceedings of the 1st International Conference on Component Optimisation,
University of Wales, Swansea, United Kingdom

[48] Williams S, Bache M, Wilshire B. Recent developments in the analysis of high tempera-
ture creep and creep fracture behaviour. Materials Science and Technology. 2009

[49] Manson S, Ensign C. A Specialised Model for Analysis of Creep-Rupture Data by the
Minimum Commitment, Station-Function Approach. s.l.: NASATM-X-52999; 1971

[50] White W, May I, Silviera T. Design parameters for high temperature creep and the
minimum-commitment method. Journal of Materials for Energy Systems. 1980;2(2):51-59

[51] Manson S, Ensign C. Interpolation and extrapolation of creep rupture data by the mini-
mum commitment method, Part 1: Focal-point convergence. s.l. NASATM-78881; 1978

[52] Park J, Manson S. A new approach for the characterisation of creep rupture properties for
a newly fabricated material. s.l. The Sixth International Conference on Creep and Fatigue
Design and Life Assessment at High Temperatures; 1996

[53] Ding J, Kenneth C, Brinkman C. A comparative study of existing and newly proposed
models for creep deformation and life prediction of Si3N4. In: Life Prediction Methodol-
ogies and Data for Ceramic Materials. s.l.: s.n.; 1994. pp. 62-83

[54] Goldhoff R. Towards the standardisation of time-temperature parameter usage in elevated
temperature data analysis. Journal of Testing and Evaluation, JTEVA 2. 1974;5:387-424

Creep148

[55] Goldhoff R, Hahn G. Correlation and Extrapolation of Creep-Rupture Data of Several
Steels and Superalloys Using Time-Temperature Parameters. Cleveland: American Soci-
ety for Metals; 1968. ASM Publication D-8-100

[56] Sobrinho J, Bueno L. Correlation Between Creep and Hot Tensile Behaviour for 2.25 Cr-
1Mo Steel from 500�C to 700�C. Part 2: An Assessment According to Different Parame-
terization Methodologies. s.l.: s.n; 2005

[57] Evans M. Method for improving parametric creep rupture life of 2.25Cr-1Mo steel using
artificial neural networks. Materials Science and Technology. 1999;15:647-658

[58] Wilshire B, Battenbough A. Creep and creep fracture of polycrystalline copper. Materials
Science and Engineering A. 2007;443:65-78

[59] Wilshire B, Scharning P. Long-term creep life prediction for a high chromium steel.
Scripta Materialia. 2007;56:645-724

Creep Lifing Models and Techniques
http://dx.doi.org/10.5772/intechopen.71826

149





Chapter 8

Small Punch Creep

Robert J. Lancaster and Spencer P. Jeffs

Additional information is available at the end of the chapter

http://dx.doi.org/10.5772/intechopen.70375

Provisional chapter

Small Punch Creep

Robert J. Lancaster and Spencer P. Jeffs

Additional information is available at the end of the chapter

Abstract

A thorough characterisation of the creep properties of any modern alloy designed for a
structural application can be an expensive and timely process. As such, significant effort
is now being placed in identifying suitable alternative characterisation techniques. The
small punch creep (SPC) test is now widely regarded as an effective tool for ranking
and establishing the creep properties of a number of critical structural materials from
numerous industrial sectors. Over recent years, the SPC test has become an attractive
miniaturised mechanical test method ideally suited for situations where only a limited
quantity of material is available for qualification testing. Typically, the method requires
only a modest amount of material and can provide key mechanical property informa-
tion for highly localised regions of critical components. As such, SP creep testing offers a
feasible option of determining the creep properties of novel alloy variants still at the
experimental stage and the residual life of service-exposed material.

Keywords: small punch, creep, fractography, empirical correlations, numerical
correlations

1. Introduction

Small punch (SP) test methods were initially developed in the 1980s by the nuclear industry, then
known as the miniaturised disc bend test, where it was used to estimate the mechanical proper-
ties and residual life of irritated materials [1–3]. It was then in the 1990s that it was proposed the
technique could be utilised to establish elevated temperature creep properties of materials [4],
from which it has received significant interest in terms of its potential advantages and applica-
tions and is now more commonly known as the Small Punch Creep (SPC) test. Figure 1 demon-
strates the continuously growing research and interest in SPC testing by the number of
documents listed searching the expression ‘small punch creep’ in Scopus since 1970 [5].
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The key feature of the SPC test in comparison to conventional mechanical test methods derives
from its use of small disc specimens, the dimensions of which have been seen to be between
3 and 10 mm in diameter and 0.2–0.5 mm in thickness depending on the test being
performed [6].

The use of small disc specimens breeds a range of advantages and applications for the SPC
method. As was the original intent of its development the technique has found success in
remnant life assessment of in-service components such as pressure vessels and boiler pipes [7–9].
Disc specimens for determining remnant life are generally extracted from in-service compo-
nents by means of scoop sampling [10], a schematic for which is shown in Figure 2 [11]. This is
then typically followed by Electrical Discharging Machining (EDM) and a grinding/polishing
process to the desired thickness, thus generating disc samples ready for testing. The different
stages of this process for sample preparation are shown in Figure 3. Other means of extracting
SP discs include EDM directly from components or structures without the necessity of the
scoop sampling step or by turning down thread ends from uniaxial specimens on a CNC lathe.
In cases where sampling does not compromise the structural integrity of a component, the
technique may be considered a Non-Destructive Test (NDT) [12].

Besides its initial development for remnant life assessment, SPC has been proven to be effective
at determining localised material behaviours over a range of material systems, processes and
engineering sectors. These include:

• In power plants, welding processes are used for the integration of complex pipe systems
resulting in the necessity to understand the evolution of properties throughout the base
material, weld material and heat-affected zone (HAZ) [13]. As a result, the SPC test has

Figure 1. Number of documents listed in Scopus each year where the expression ‘small punch creep’ is included in the
title, abstract or the keywords in the engineering, materials science and energy subject areas [5].
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been implemented to assess the creep properties of weldments at high temperatures over
a range of materials [13–16].

• In additive manufacturing (AM) processes, such as direct laser deposition (DLD) which is
of large interest to the aerospace sector, SPC has enabled mechanical characterisation that
may not be possible with conventional test methods due to geometry restrictions. There-
fore, SPC has offered the possibility of providing effective ranking of different process
variables and orientations on component representative geometries [17]. This principle of
ranking through SPC can then be transferred across into early stage alloy development
where only limited material stock may be available.

• Changes in mechanical behaviour such as establishing the effect of anisotropy in textured
materials [18, 19], identifying grain size sensitivity along with revealing the influence of
chemical compositions [20] have been unveiled through the SPC test.

Figure 3. (a) Scoop sample, (b) scoop sample after EDM, (c) SP samples obtained through EDM and (d) polished SP
specimen ready for testing.

Figure 2. Schematic of scoop sampling process [11].

Small Punch Creep
http://dx.doi.org/10.5772/intechopen.70375

153



• Finally, the technique has long been adopted as a means of determining equivalent or
correlated uniaxial properties over a wide range of material systems including nickel
based single crystal material ®CMSX-4 [21, 22], γ-titanium aluminide [23], aluminium
alloys [24] and stainless steel [25].

Overall the technique has been adopted for a variety of research and development purposes to
further highlight the range of potential benefits of using miniature disc specimens to derive
creep properties of materials. Currently, SPC is undergoing a stringent procedure to progress
from a working code of practice [26] into a European standard [27]. This has been supported
by the creation of a specialist group of worldwide researchers who are collaborating towards
standardising the procedure with a targeted publication date of 2019. This effort is
supplemented by round robin testing across different institutions to establish the reliability
and repeatability of the technique and confirm its place as an accepted mechanical testing
methodology.

2. Experimental procedures

In a small punch creep (SPC) test, a miniature disc specimen with typical dimensions of
8–9.5 mm in diameter and 500 μm in thickness is subjected to a constant load that is applied to
the material through a punch indenter. As the load is applied to the disc, the material undergoes
a biaxial form of deformation prior to the onset of final rupture.

2.1. Test frame assembly

The SPC test is usually performed in a dead-weight test frame assembly as displayed in
Figure 4. In this arrangement, the miniature disc is positioned into the recess of a lower die,
which locates the specimen in the centre of the rig. The disc is then fixed securely via a
circumferential clamping load to prevent any residual flexing of the material during test.
However, over clamping should be avoided to reduce any plastic deformation which may
influence the final test result. Hand tight clamping is usually suffice to ensure repeatability in
results. Loading is then applied through the central axis of the frame via an upper load pan
which exerts a force onto the specimen via a punch indenter.

2.1.1. Punch indenter

The punch tip typically consists of a hemi-spherical end with a diameter ranging from 2 to
2.5 mm, but an alternative assembly can also be used such as a flat tip indenter and a 2–2.5 mm
diameter ceramic ball. Typical ball materials include Si3N4. In this instance, the ball should be
replaced after every test. The geometries of the two punch configurations are displayed in
Figure 5. Depending on the material that is to be tested, the punch material can vary from high
strength steel for testing relatively soft and ductile materials such as copper, to high tempera-
ture ceramic materials including zirconium oxide and aluminium oxide for testing creep
resistant materials such as single crystal alloys. For testing at elevated temperatures, oxidation
and wear of the punch is a concern and may require refurbishment after every test.
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Figure 4. Small Punch Creep Test Set-up [26].

Figure 5. Schematic diagrams of the punch geometries for (a) one piece punch and (b) ball-punch configuration.
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2.1.2. Measurement of deformation

Upon exertion of the testing load, disc deformation is monitored and recorded from two
locations via linear variable displacement transducers (LVDTs). One LVDT is usually posi-
tioned in a location to detect the movement of the load pan and records the displacement on
the top surface of the disc. The other LVDT is located within the lower die—pull rod assembly
and measures the deflection on the underside surface of the specimen via a quartz rod. This
enables the deformation on both surfaces to be closely monitored throughout a test and the
resultant SPC curve usually displays an average of the top and bottom recordings.

2.1.3. Heating instrumentation and measurement

In a SPC test, heat is usually applied via a digitally controlled single zone furnace or induction
heating and is constantly monitored throughout the test by one or two thermocouples (either
type K or N depending on the desired temperature). One thermocouple should be placed in
contact with the underside of the disc, with an optional second thermocouple located in a
drilled hole in the upper die, close to the top surface of the specimen.

For high temperature SP testing, an inert gas environment is usually recommended to avoid
oxidation of the disc specimen.

2.2. Specimen preparation

For SPC testing, disc specimens are usually removed from a larger piece by extracting cylin-
drical rods of the test material through EDM. The rods are turned down to the desired
diameter (8–9.5 mm) and sectioned into slices approximately 800 μm thick. The material is then
ground on both faces with progressively finer grit papers until a 500� 5 μm thickness is achieved
with a 1200 grit finish. The use of smaller test pieces (diameter = 3 mm, thickness = 250 μm) is also
permissible to allow the use of TEM specimens. In either specimen geometry, a representative
volume must be contained in the thickness of the disc to obtain macroscopic material properties.
This would typically include at least five grains in the cross-sectional thickness.

Prior to testing, the disc thickness shall be measured at four locations around the perimeter at
90� intervals to ensure uniformity.

3. Results

The result of a SPC test is characterised by a time-displacement/deflection curve with
recognisable stages of deformation, notably primary, secondary and tertiary creep. This behav-
iour is comparable to that expected from a conventional uniaxial creep test for a given mate-
rial. However, in reality the actual material deformation is considerably different. In a SPC test,
the period of primary creep represents the elastic bending period of disc deformation. This
leads to the onset of plastic deformation and membrane stretching under a biaxial stress
condition, coinciding with an extended phase of secondary creep. The deformation then
continues as the disc starts to experience considerable necking due to thinning, before acceler-
ating to failure, akin to tertiary creep. This contrasts with the behaviour observed in a
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traditional uniaxial creep arrangement where the test specimen simply elongates under an
applied tensile load with time.

Figure 6a displays a series of typical SPC curves from tests performed on the single crystal
superalloy CMSX-4, at 950�C under a variety of applied loads. The same results can also be
represented in terms of the minimum displacement rate with time, as shown in Figure 6b. In a
similar manner to uniaxial creep data, the results can also be plotted in terms of time to rupture,
tf, an example of which is given in Figure 7. As the graph shows, SPC testing demonstrates a
sensitivity to temperature and loading, as would be expected in conventional creep test results.

Figure 6. (a) SP creep curves and (b) minimum displacement rates for CMSX-4 tested at 950�C under a range of applied
loads [21].

Figure 7. Load vs Time to Rupture for SPC tests on CMSX-4 at 950�C, 1050�C and 1150�C [21].
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3.1. Fractography

In a SP creep test, the manner of failure usually resembles one of two dominant modes of
fracture; ductile or brittle. In a ductile failure, the fracture usually initiates around the periph-
ery of the punch head in the vicinity of tensile membrane stretching, propagating along the
circumference indicating that the maximum stress is found away from the central region of the
disc. Figure 8 illustrates a typical example of a ductile fracture for a ruptured high nitrogenic
ferritic steel specimen, tested at 725�C under a load of 140N [28]. The fracture morphology
displays a cap-like form of deformation whilst severe necking can be seen around the central
region of the disc. The higher magnification image, given in Figure 8b, shows a dominant
transgranular type behaviour with ductile dimples covering the surface.

In contrast, SP testing has also been employed to characterise the creep properties of more
inherently brittle type materials, such as γTiAl [23] or Mg alloys [24].

Figure 9 presents the typical fracture morphology for a brittle small punch disc. In this
example, a SP creep test was performed at 650�C on a 14Cr ODS steel, a ferritic/martensitic

Figure 8. (a) A typical SP creep ductile fracture surface for a test on HN9L at 725�C at 140N and (b) fracture surface
depicting ductile transgranular mode of fracture [28].

Figure 9. SEM micrographs of SP creep specimens for a 14Cr ODS Steel with a brittle fracture in (a) the transverse
orientation and (b) the longitudinal orientation [18].
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oxide dispersion strengthened material that exhibits a highly anisotropic microstructure and
mechanical response [18].

Figure 9 shows the fracture behaviour in the two specimen orientations denoted as transverse
(a) and longitudinal (b). The fracture morphology in the transverse specimen clearly shows
radial type cracking emanating from the central point of the disc, in direct contrast to the
behaviour seen in a more ductile material. However, in the longitudinal specimen, a series of
parallel intergranular cracks can be seen which are aligned to the extrusion process of the
material fabrication.

4. Data interpretation and correlations to uniaxial creep results

Previous research [13, 23] has demonstrated that the shape of the time displacement/deflection
curves from SP creep tests are qualitatively similar and representative of the shape typically
observed from uniaxial testing approaches. Now, over recent years, many researchers and
scientists have devoted significant effort in establishing a series of correlative means capable
of comparing the results obtained from SP creep testing to data gathered frommore traditional
creep testing methodologies. These include approaches to obtain equivalent stress values
rather than load, strain values rather than deflection/displacement and a minimum creep rate
rather than minimum displacement rate.

4.1. Deflection – Chakrabarty membrane stretch model

In 1970, Chakrabarty [29] proposed a theory for a material stretching over a hemispherical
punch head, now widely known as the membrane stretch model. This theory has provided the
basis for much of the understanding of the relationship between central deflection and strain
for a small punch creep test [30]. Assumptions include a rigid punch that is well lubricated so
friction is considered negligible, rigid-plastic material due to the large strains and deformation
occurring through membrane stresses alone.

Based upon Chakrabarty’s model, Li and Šturm [31] devised the following third order polyno-
mial [Eq. (1)] for the equivalent strain at the contact boundary, ε. In this equation, central
deflection is given as δ, the receiving hole diameter is 4 mm and the punch radius is 1 mm, as
recommended in the European Code of Practice (CoP) for small punch testing [26]. The strain
at the contact boundary is considered since necking and failure in SPC are commonly located
away from the specimen centre [32].

ε ¼ 0:20465δþ 0:12026δ2 þ 0:00950δ3 (1)

When considering other SPC setups, specifically a punch diameter of 2.5 mm, the constant
parameters within the polynomial equation change accordingly [31]. Not only has
Chakrabarty’s model provided an insight into the strain-deflection relationship, but has further
been implemented to help determine the relationship between stress and load with SPC, as
discussed further in the kSP method.
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Nevertheless, the Chakrabarty model has its limitations in that it is only really suitable for
large deformations which is not always the case with brittle materials where specimens may
crack upon loading or in the early phase of the test [23], or fractures that reveal a star type
pattern as illustrated earlier [18]. In addition, any strain hardening effects must be considered
rather than an exponential hardening law only as is the case here [32].

4.2. Empirical approaches

4.2.1. The kSP method

The most widely recognised technique for empirical correlation of SP creep and uniaxial
results is the SP creep correlation factor, kSP. In this approach, the SP load can be correlated
to a uniaxial creep stress to compare the two sets of data, using the following equation
[Eq. (2)]:

F
σ
¼ 3:33kSPR�0:2r1:2h0 (2)

where F is the SP load, σ is the applied stress in a uniaxial creep test, R is the radius of the
receiving hole, r is the radius of the punch indenter and h0 is the thickness of the disc specimen.

This a F
σ ¼ 3:33kSPR�0:2r1:2h0 approach has been derived from Chakrabarty’s membrane

stretching theory but remains empirical in nature due to the inclusion of a material constant,
represented here as the kSP value. In situations where no uniaxial creep results are available,
this value is usually referred to as 1. However, in such instances the method is less reliable and
can only serve as a rough approximation of the corrected creep stress.

The kSP method has been successfully applied to several material systems, notably CMSX-4
[21], P91 [33] and P92 [13] steels. Figure 10 demonstrates the correlation obtained from the
technique for P92 steel, both as a base metal and as weld material [13], and for the lightweight
aluminium alloy AlSi9Cu3 [24]. In both examples, the results show good agreement between

Figure 10. Comparison of uniaxial creep and SPC data using the kSP method for a. P92 steel at 600�C [13] and b. AlSi9Cu3
at 473 and 523K [24].
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uniaxial and SPC results but the kSP value was found to change for the base metal (1.035) and
weld material (0.977) in P92. This difference is attributed to the higher yield strength observed
in the base material, which leads to a change in the manner of deformation.

Conversely, the kSP method has been found to be limited to materials with proven ductility and
the correlations for more inherently brittle alloys are not as impressive. Figure 11 presents the
relationship for γTiAl 45-2-2 (XD) [23] at elevated temperatures and a clear breakdown in the
correlation is observed. This is related to the use of the kSP value as a ductility factor, and the
catastrophic manner in which γTiAl 45-2-2 (XD) was found to crack on the onset of loading
during a SPC experiment.

4.2.2. Monkman-Grant

The Monkman-Grant model is a well recognised predictive approach for uniaxial creep data
that can also be observed in SPC. The technique typically considers the relationship between tf
and the minimum strain rate, ε•, but can also be modified to account for SPC when considering

the minimum deflection rate δ
•
M, in the form of:

log tf þm log δ
•
M ¼ CS (3)

Figure 11. kSP correlation for uniaxial and converted SPC data for γTiAl 45-2-2 (XD) at 700 and 750�C [23].
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where C and m are material constants typically defined by linear regression. If the rupture
times are equal across the two test types, a correlation may be derived [34] which sanctions a

direct comparison of the two rates, ε• and δ
•
M, through the following equation:

ε• ¼ 10C�Cs=mδ
•
M (4)

Dobes and Milicka [35] used such a relationship to correlate the minimum creep rate from a
uniaxial creep test to the minimum deflection rate from a SPC experiment. Dymáček [36]
applied this methodology to P92 NT steel and found parallel trends in the two data sets,
demonstrating the applicability of the Monkman-Grant relationship to SPC data (Figure 12).

4.2.3. Larson-Miller

The Larson-Miller parameter (LMP) is an established means of predicting the lifetime of
materials subjected to creep damage by using a correlative based approach that incorporates
the Arrhenius equation. The LMP correlates the relationship between temperature (T), stress
and tf using the following equation:

LMP ¼ T Cþ log tf
� �

(5)

where C is a material constant.

Figure 12. Monkman-Grant relationship for SPC and uniaxial creep results on P92 NT steel at 600�C [36].
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A series of researchers [24, 28] have applied the LMP to interpret SPC data, but to also establish
a relationship between SPC and uniaxial creep results. Andrés et al. [24] obtained a LMP
design curve from SPC results on the magnesium alloy AZ31 through linear regression, once
the equivalent uniaxial creep stress was defined. In this research, C was assumed as a constant
value to guarantee matching LMP values in both test approaches. The results are illustrated in
Figure 13 which correlates the two data sets and shows good agreement, confirming the
suitability of the approach.

4.2.4. Theta projection

The theta-projection approach has found extensive use in the life prediction of uniaxial creep
data. The method, developed by Evans and Wilshire [37], has attracted widespread atten-
tion [38] and is capable of obtaining an accurate creep deformation curve with a true represen-
tation of the three dominant stages of creep. This method can be simplified to accommodate
SPC tests via the following expression:

ε ¼ Atþ B eαt � 1
� �

(6)

where t is the creep time, A and B are parameters related to the hardening and weakening of
strain and α is the constant of creep deformation rate, making the equation more applicable to
constant load deformation.

Zheng et al. [39] used this approach to extrapolate the SPC deformation curves of service-
exposed Cr5Mo Steel at 550�C, as presented in Figure 14, and choose 20% of the creep life as

Figure 13. Correlation of SPC equivalent stress to uniaxial creep against LMP for AZ31 alloy [24].
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the starting point for the prediction. As Figure 14 illustrates, this approach shows good
agreement with the generated experimental data

4.2.5. Norton (1/2)

The most important and useful properties from the SPC test are tf and δ
•
M. In an identical

manner to traditional uniaxial creep test approaches, both properties in a SPC test are heavily
dependent on the applied test temperature and load. These parameters directly influence the
controlling creep mechanism which can vary from diffusional creep to dislocation creep, with
dislocation creep more prevalent at higher and intermediary applied stress levels and at
temperatures high enough to activate creep (0.4 Tm).

The relationship between δ
•
M and the applied force F of a SPC test can be described by a power

law in a similar manner to the well established Norton law for uniaxial creep approaches, where:

δ
•
M ¼ AFn (7)

Here, A is a proportionality constant. Gülçimen and Hähner [14] used such an approach to
determine and compare the local creep properties of a P91 weldment across three distinct
zones, namely the base metal, weld metal, and the heat-affected zone. Yang et al [40] also

used a similar approach to establish the relationship between ε• and δ
•
M, allowing for an

approximate conversion of the small punch deflection to the equivalent creep strain in
Incoloy880H. Figure 15 shows the Norton relations for the individual zones in P91 and in
Incoloy880H.

Figure 14. SPC time-deflection fitting curves using the theta-projection method on service-exposed Cr5Mo Steel at
550�C [39].
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Zheng et al. [39] used the Norton relationship to determine the correlation between the stable
creep rate and the applied load. This was achieved by using a curve fitting procedure, where

the material’s δ
•
M can be predicted from the value of the applied load. The result of this curve fit

is displayed in Figure 16 for Cr5Mo steel. The authors found the prediction represents a 15%
error compared to the actual value and can be used as an accurate prediction of the remaining
life of the material.

4.2.6. Wilshire equations (1)

The Wilshire equations have been well established over the last few decades and offer the
potential to predict long term creep life based on relatively short term creep data [41–43]. The
principle is based upon the assumptions that tf ! 0 as σ ! σTS while tf ! ∞ as σ ! 0, with
applied stress, σ, related to tf through the following equation:

Figure 15. Norton laws for a. base metal, weld metal, HAZ-FG and HAZ-CG in P91 steel [14] and b. Incoloy880H [40].

Figure 16. Relationship between minimum deflection rate and load for Cr5Mo steel [39].
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σ=σTSð Þ ¼ exp �k1 tf exp �Qc � =RTð Þ� �u� �
(8)

where σTS is the ultimate tensile strength in MPa, Qc* is the apparent activation energy for
creep in J mol�1 and R is the gas constant (8.314 J mol�1 K�1). Qc*, k1 and u parameters are then
derivable from a comprehensive data set, although it is important to consider an appropriate
explanation for activation energy magnitudes.

In the case of SPC data, the Wilshire equations have been exploited for different means and
approaches. Jeffs et al. [22] compared the creep life predictions as determined by the Wilshire
equations for SPC results, correlated via the kSP and uniaxial data. This relationship is
displayed in Figure 17, with a good agreement between each test type seen.

In a similar nature, the Wilshire equations may be modified such that normalisation is carried
out using loads rather than stresses [44] as shown in Eq. (8) below:

F=Fmð Þ ¼ exp �k1 tf exp �Qc � =RTð Þ� �u� �
(9)

Here, F is the applied SPC test load and Fm the ultimate load through a constant displace-
ment rate SP test. Using such an approach could provide an effective ranking method of
material types exclusively through SPC. Alternatively, Holmström et al. [15] has utilised
the Wilshire equations to determine a strength correlation factor between weld material
variants.

Figure 17. Wilshire equation predictions of σ vs. tf for uniaxial creep and SPC test types for CMSX-4 [22].
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4.3. Numerical approaches

4.3.1. Finite element analysis (FEA)

Several authors have used FEA to predict the SP creep behaviour in different material systems.
Evans [45] analysed the SP deformation of 0.5Cr0.5Mo0.25V ferritic steel and assumed defor-
mation was viscoplastic with a constant volume, with deformation rates governed by the creep
properties of the material. They used a phenomological constitutive relationship for the creep
properties of the internal variable type, where the variables used include hardening, softening
and continuum damage with an additional creep failure criterion also adopted. They
constructed a model using uniaxial creep data and verified it by comparing the creep curves
and tf from actual SPC tests to those produced through the FEA model, as given in Figure 18.
As can be seen, the results show good correlation with the FEA model.

Lancaster et al. [23] used a constitutive creep model based on the theta-projection method first
developed by Evans [45], which was implemented into Abaqus using a creep derived subrou-
tine. The authors used such an approach to relate creep rate to the accumulation of internal
material state variables, which has been previously shown in Ref. [47] to predict creep behav-
iour better than other strain or time based hardening approaches, for situations where a
transient stress state is present, such as in a SPC test. In this research, an axisymmetric model
was used to predict the material deformation in a SPC test on γTiAl 45-2-2 (XD) with model
geometries replicating those that are used in a SPC experiment, with all features modelled as
rigid bodies and surfaces. The model showed that the Von-Mises stress was found to be high
across the thickness of the disc and as such, the rate of creep deformation was predicted to be
high. However, the maximum principle stress adjacent to the disc was found to be low, but due
to a combination of high radial and hoop stresses, the maximum principle stress on the
underside of the specimen was high in the central region. As specimen deformation increases
with displacement, the stress field is then found to evolve and the peak stress in the disc slowly
decreases away from the centre of the disc, leading to the onset of thinning and steady state
deformation. An additional damage model dependent on maximum principle stress was
incorporated to capture the rupture characteristics of the material and was able to predict
rupture to a high level of accuracy when compared to experimental results [23].

Figure 18. Experimental and modelled SPC results at 848K on 0.5Cr0.5Mo0.25V ferritic steel a. time vs punch displace-
ment for a test performed under 211N and b. failure time vs punch displacement for all simulated and experimental
tests [46].
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Dymáček andMilička [48] utilised two basic creep constitutive models, namely Norton power-law
(‘Model 1’) and the exponential relationship (‘Model 2’), to run their FEA simulations. Model 1
considered only the simple boundary conditions as supports and assumed the pressure of the load
without actually using the specific puncher shape. However, for Model 2, they included contact
elements whilst accounting for the surface frictional contact between contacting surfaces. In either
case, a simplified 2D axisymmetric model was adopted and the numerical findings from each
model were compared with real experimental results, as displayed in Figure 19.

The authors found that Model 1 was somewhat limited due to the absence of a friction
parameter which was deemed necessary from the research. However, Model 1 was capable of

predicting more accurate results under high forces and in general, the values of tf and δ
•
M

showed good agreement with the experimental data in both models.

Other notable contributions are provided by Nakata et al. [49] for their work on F82H ferritic/
martensitic steel; Zhao et al. [13] who simulated the SPC behaviour of P92 steel from several
locations around a welded joint; Kobayashi et al. [50] who used FEA to support research into
the SPC deformation of aluminium alloys from the duralumin series and Jeffs et al. [22] who
adopted ABAQUS to simulate the SPC deformation curves of the single crystal superalloy,
CMSX-4.

Author details

Robert J. Lancaster* and Spencer P. Jeffs

*Address all correspondence to: r.j.lancaster@swansea.ac.uk

Swansea University, Swansea, UK

Figure 19. Comparison of results generated from alternative FEA models and experimental SPC tests for P91 steel a. F vs. tf

and b. δ
•
M vs. F [48].
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Abstract

A thermomechanical numerical model is proposed to describe the time-dependent brit-
tle deformation of brittle rocks under different constant temperatures and confining
pressures. The mesoscale model accounts for material heterogeneity and local material
degradation, and the model introduces the concept of a mesoscopic renormalization to
capture the cooperative interaction between microcracks in the transition from distrib-
uted to localized damage. The thermophysical parameters for the model were deter-
mined based on creep experiments of granite at temperatures of 23, 50, and 90�C. The
numerical simulations agree well with the experimental data. We then explore the
influence of temperature, differential stress, confining pressure, and sample homogene-
ity on brittle creep in granite using the same parameters. The simulated results show
that the creep strain rate increases with an increase in temperature and differential stress
and time to failure decreases, while creep strain rate decreases with an increase in
confining pressure and sample homogeneity, and therefore time to failure increases.
The proposed model is of great help to control and optimize rock engineering in granite.

Keywords: time-dependent deformation, temperature, creep strain rate, damage
evolution

1. Introduction

Disposal of radioactive waste is currently considered as the preferred option to store and isolate
this waste from biosphere over hundreds of thousands of years for waste management world-
wide. In the geological disposal, the temperature in the near-field rock mass will increase due to
the heat generated by the radioactive waste and in turn affect the time-dependent behavior of
the host rock and consequently change the overall long-term performance of the disposal.
Therefore, a good understanding of the time-dependent behavior of the host rock at elevated
temperatures is of great significance to evaluate the stability of nuclear waste disposal.
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Extensive effort has been made to investigate the time-dependent behavior of rocks like sedimen-
tary rock and rock salt [1–4] and hard rocks like granite [5–10] and basalt [11]. Granite is a widely
recognized potential host rock for the disposal of radioactive waste due to its low permeability
and high strength [12]. Moreover, a good understanding of time-dependent deformation in
granite will also assist in our understanding of crustal deformation and natural hazards since
granite is a major constituent of the continental crust. The distribution of stress and permeability
evolution in granite is of great importance when we analyze natural hazards and rock engineer-
ing projects. Despite the importance of granite in these high-temperature environments, very few
studies of time-dependent brittle creep on granite have been made at elevated temperature [2, 8,
9, 13]. During a brittle creep experiment of rock at a constant differential stress for an extended
period of time, the strain against time first decelerates before accelerating as macroscopic sample
failure is approached [14]. The onset of the acceleration to failure in brittle creep experiments has
been ascribed as the result of the sample reaching a microcrack density at which microcracks can
interact and coalesce, sometimes referred to as the critical damage threshold [2, 11, 13, 15]. Time-
dependent brittle deformation is often attributed to a mechanism of subcritical crack growth,
namely stress corrosion cracking [14, 16]. Stress corrosion describes fluid-rock reactions that
occur preferentially between a chemically active pore fluid and strained atomic bonds at the
crack tips and therefore is sensitive to environmental factors such as stress, temperature, and pore
fluid reactivity [16]. Temperature influences the crack growth rate through the Arrhenius tem-
perature dependence of crack growth rate and because temperature affects the stress dependency
of the rate of crack growth. Experimental tests have shown that speed of crack growth during
experiments increases with an increase in temperature [14, 17, 18].

Due to the aforementioned importance of understanding the long-term mechanical behavior of
rock for disposal of radioactive waste, here we present a two-dimensional constitutive creep
model to describe the time-dependent deformation of granite at different temperatures and
confining pressures. We first formulate the coupled thermomechanical time-dependent model.
We then validate the model and determine the required thermo-physico-mechanical parame-
ters with published experimental data [10, 19]. Finally, the results of brittle creep simulations at
different temperatures, differential stresses, confining pressures, and sample homogeneities
were presented and discussed.

2. Description of time-dependent constitutive model

In this chapter, a quantitative model is proposed to describe the coupled heat transfer and rock
failure problems associated with rock exposed to elevated temperatures. For a model used to
investigate time-dependent creep deformation at high temperature, the coupled effect of the
medium deformation and heat transfer must be important. Three components including a heat
transfer description, a stress description, and a failure description must be accounted for. The
descriptions of heat transfer, stress, and failure in the model are, respectively, presented.

2.1. Material heterogeneity description

It is important to introduce material heterogeneity to reveal a collective macroscopic behavior
different from that of the individual elements. The mechanical parameters such as uniaxial
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compressive strength and Young’s modulus of the mesoscopic material elements are assumed
to be homogeneous and isotropic and are randomly assigned with a Weibull statistical distri-
bution (Eq. (1)) [19] to reflect the material heterogeneity at a mesoscale:

f uð Þ ¼ χ
u0

u
u0

� �χ�1

exp � u
u0

� �χ� �
(1)

in which u is the scale parameter of an individual element at a mesoscale and the scale
parameter u0 is related to the average element parameter. The shape parameter χ indicates
material homogeneity and denotes as a homogeneity index. In order to get a set of values of
uniaxial compressive strength and Young’s modulus following the Weibull statistic distribu-
tion, a suit of random numbers ωi ranging from 0 to 1 are generated according to the Monte
Carlo method, and then the uniaxial compressive strength and Young’s modulus of each
element can be obtained from Eq. (2):

ui ¼ u0 ln
1

1� ωi

� �1
χ

(2)

in which ui is the uniaxial compressive strength and Young’s modulus of the element i.

Figure 1 shows two numerical standard rock specimens with a homogeneity index χ of 5. The
uniaxial compressive strength and the Young’s modulus are randomly determined according
to the Weibull distribution. The different colors in Figure 1 correspond to different values of
element strength and Young’s modulus. Therefore, the homogeneity index is an important
controlling parameter for the macroscopic mechanical response of a numerical sample [20].

2.2. Heat conduction description

It is assumed that the conductive flux is saturated at a value comparable to the enthalpy per
unit volume. The heat conduction equation in a medium is known as Fourier’s law:

qi ¼ �kij grad Tð Þ (3)

Figure 1. Numerical specimens with a geometry of 100 mm in length and 50 mm in width at a homogeneity index χ of 5.
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in which qi is the rate of heat conduction in W/m2, kij is the thermal conductivity tensor of the
medium in W/(m �C), and grad Tð Þ is the temperature gradient in �C/m. The negative sign
indicates that heat is transferred in the direction of decreasing temperature.

It is assumed that thermal equilibrium between the phases and heat conduction as the domi-
nant mechanism of heat transfer and the energy balance equation in an anisotropic medium
can be expressed as

∂
∂xi

kij
∂T
∂xj

� �
þ q ¼ rc

∂T
∂t

(4)

in which q denotes the heat source generated in the medium in W/m3, r is the bulk density of
medium in kg/m3, c is the specific heat of the medium in J/(kg �C), and t is the time. The energy
balance equation for an isotropic material can be reduced:

k∇2T þ q ¼ rc
∂T
∂t

(5)

2.3. Stress description

Assuming the total strain for a stressed medium is made up of elastic, creep, and thermal
components. The total strain can be decomposed:

ε ¼ εe þ εc þ εT (6)

in which the subscripts e, c, and T refer to the elastic strain, creep strain, and thermal strain,
respectively. The elastic strain εe can be expressed in a tensor form for elastic medium:

εe ¼ εij ¼ 1
2G

Sij þ 1
3
εkkδij (7)

in which G is the shear modulus, εij is the tensor form of the elastic strain εe, Sij is the stress

deviator tensor of the elastic stress components σij, Sij ¼ σij � 1
3σkkδij, and δij is the Kronecker

delta. The Kronecker delta equals zero when i 6¼ j and one when i ¼ j. The thermal strain εT
due to the variation of temperature can be expressed:

εT ¼ αΔTδij (8)

in which α is the coefficient of linear thermal expansion and ΔT is the temperature change. The
creep strain εc is a function of the stress σ, temperature T, and time t, i.e., εc ¼ F σ;T; tð Þ. It is
customary to assume that the effects are separable and can be written as

εc ¼ f σð Þg Tð Þh tð Þ (9)

where f σð Þ, g Tð Þ, and h tð Þ are the functions related to stress, temperature, and time, respec-
tively.
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For creep problems, a Norton-Bailey equation [4] known as a constitutive law of the creep
strain rate was adopted to characterize time-dependent creep deformation based on the
approach of the equation of state theory:

εc ¼ Aσntm exp � U
RT

� �
(10)

where A, m, and n are constants dependent on temperature. The constant n usually denotes
stress component of greater than one, m is usually a fraction, U is the creep activation energy
determined empirically as proportional to the slope of a plot of log εc as a function of 1=T at
constant σ, R is the universal gas constant, and T is the absolute temperature in Kelvin.

Equation (10) can also be expressed in a strain rate form because the strain rate is of great
interest for our study:

_εc ¼ mAσntm�1 exp � U
RT

� �
(11)

Creep flow rule under multiaxial stress conditions can be expressed in tensor form:

_εcij ¼
3
2
dεc
dt

Sij
σe

(12)

in which σe is the effective stress, σe ¼
ffiffiffiffiffiffiffiffiffiffiffiffi
3
2 SijSij

q
, dεc is the effective creep strain, and

dεc ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2
3 dε

c
ijdε

c
ij

q
. Now, substitute Eq. (12) into Eq. (11); the creep strain rate is also extended to

the multiaxial stress case:

_εcij ¼
3
2
AmSijσn�1

e tm�1 exp � U
RT

� �
(13)

where _εcij is the creep strain rate, Sij is the deviatoric part of σij, and σe is effective stress defined as

σe ¼ 1ffiffiffi
2

p
� � ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

σ11 � σ22ð Þ2 þ σ33 � σ22ð Þ2 þ σ11 � σ33ð Þ2 þ 6 σ212 þ σ223 þ σ213
� �q

(14)

This creep model can describe the decelerating creep commonly seen in laboratory [14], but it
fails to capture the acceleration in strain rate in the approach to macroscopic sample failure.
Thus, a damage evolution law for the accelerating creep of rock is incorporated at this stage.

The static stress equilibrium equation can be expressed in tensor form:

σij, j þ f i ¼ 0 (15)

in which σij is the total stress tensor in MPa and fi is the body force per unit volume in MPa. The
continuity equation can be expressed in terms of the displacement gradient:
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εij ¼ 1
2

ui, j þ uj, i
� �

(16)

in which εij is the small strain tensor and u is the displacement of the medium. The constitutive
equation for elastic isotropic medium can be expressed as

σij ¼ λδijεii þ 2Gεij � βδijΔT (17)

in which G is shear modulus, λ is Lamé’s constant, β is the coefficient of thermal stress in 1/�C,
and β ¼ 3λþ 2Gð Þα.
Thus, the final governing equation of heat transfer in a medium can be written in displacement
form:

λþ Gð Þ∙uj, ji þ Gui, jj þ f i � βδijΔT ¼ 0 (18)

2.4. Damage evolution description

An elastic damage constitutive law is incorporated in the model to describe its stress-strain
relationship. The elastic modulus for an isotropic elastic medium is expressed:

E ¼ E0 1�Dð Þ (19)

where E and E0 are the Young’s moduli of the damaged and the undamaged material, respec-
tively, and D is the isotropic damage variable. The constitutive relation can be rewritten in a
uniaxial state of stress:

σ11 ¼ E0 1�Dð Þε11 (20)

According to damage mechanics theory, the Young’s modulus of an element will degrade
according to Eq. (19) when the stress on the element exceeds a damage threshold. The stress-
strain curve of the element is considered linear elastic with a constant residual strength until
the given damage threshold is reached. The elastic damage constitutive law of each element
under uniaxial stress condition is shown in Figure 2. The maximum tensile stress criterion and
modified Mohr-Coulomb criterion are chosen as the damage thresholds to determine whether
any elements are damaged in tension or shear, respectively:

σ3 ¼ �f t0

σ1 � σ3
1þ sinϕ
1� sinϕ

¼ f c0
(21)

where σ1 is the maximum principal stresses, σ3 is the minimum principal stresses, f c0 and ft0
are the uniaxial compressive and tensile strength, respectively, and ϕ is the internal friction
angle of the element. The tensile strain criterion is always preferential because the uniaxial
tensile strength is far below uniaxial compressive strength of rock material.

The damage variable D according to the constitutive law as shown in Figure 2 can be
described.
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where ε1 is the maximum principal strain and ε3 is the minimum principal strain. εt0 is the
maximum principal strain in tension, εc0 is the maximum principal strain in compression, and
r is a constitutive coefficient with a value of 2. The element behaves elastically during loading
and unloading when the major tensile or compressive strain of the element is less than the
maximum principal strain in tension or compression, respectively. The element will be dam-
aged by Eq. (22) when either of these strain thresholds is exceeded.

3. Model validation

3.1. Constant strain rate experiments

In this section, the proposed model was calibrated with experimental data [10, 18, 21] to
determine appropriate input parameters. Mechanical data from uniaxial and triaxial constant
displacement rate experiments at room temperature were used to obtain the physico-
mechanical input parameters at the mesoscale. The geometry of the granite samples in labora-
tory tests was 100 mm in length and 50 mm in width. The compressive strength of air-dried
Beishan granite under confining pressures of 0, 1, and 5 MPa is 165.2, 174, and 216.8 MPa,
respectively. The Young’s modulus and Poisson’s ratio of air-dried Beishan granite in uniaxial

Figure 2. Elastic damage constitutive law for element under uniaxial compression and tension.

Thermomechanical Time-Dependent Deformation and Fracturing of Brittle Rocks
http://dx.doi.org/10.5772/intechopen.72326

179



compression are 43 GPa and 0.25, respectively. The randomly generated numerical samples
were discretized into 20,000 square elements. The size of the modeled sample was kept the
same for all numerical simulations in the present paper. A suite of unconfined and confined
compressive tests on the modeled rock samples were performed at constant room temperature
and constant confining pressures of 0, 1, and 5 MPa. The physico-mechanical input parameters
of the individual elements at a mesoscale used in the simulations were listed in Table 1.

The numerical and experimental stress-strain curves for the granite simulations are plotted in
Figure 3. It can be seen from Figure 3 that the simulated stress-strain curves are in good
agreement with the experimental stress-strain curves. It needs to be noted that the nonlinear
behavior at the early beginning of the experimental stress-strain curves is a result of the closure
of preexisting compliant microcracks. This nonlinearity is not replicated in the present model
because the stress-strain behavior of an element is considered linear elastic until the given
damage threshold is attained. We highlight that the model input parameters were the same for
each of the simulations in Figure 3, adding confidence that the model is capable of accurately
capturing the short-term mechanical behavior of Beishan granite under different confining
pressures.

3.2. Single-step brittle creep experiments

The numerical model was validated via a successful attempt to replicate published uniaxial
and triaxial experimental data for Beishan granite. We will now run a suite of conventional
brittle creep simulations on Beishan granite under different constant temperatures of 23, 50,
and 90�C in order to find the required thermo-physico-mechanical properties of the granite.
These thermophysical parameters were determined from the experimental data, and material

Input parameters Granite

Homogeneity index 5

Mean elastic modulus (GPa) 43

Mean uniaxial compressive strength (MPa) 350

Poisson’s ratio 0.25

Frictional angle (�) 30

Ratio of uniaxial compressive to tensile strength 10

Axial stress (MPa) 150

Specific heat capacity (J/(kg K)) 900

Coefficient of linear thermal expansion (1/K) 4.6 � 10�6

Thermal conductivity (W/(m K)) 3.48

A 6.8 � 10�11

n 1.75

m 0.39

U 3000

Table 1. Thermo-physico-mechanical parameters of the numerical model.
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and 90�C in order to find the required thermo-physico-mechanical properties of the granite.
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Input parameters Granite

Homogeneity index 5

Mean elastic modulus (GPa) 43

Mean uniaxial compressive strength (MPa) 350

Poisson’s ratio 0.25

Frictional angle (�) 30
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Thermal conductivity (W/(m K)) 3.48
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m 0.39
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constants A, m, and n for the numerical model are listed in Table 1. It is noted that the same
physico-mechanical input parameters listed in Table 1 were used for the simulations. The
temperatures of 23, 50, and 90�C represent room temperature, the in situ rock temperature,
and the maximum temperature on the canister surface, respectively.

The numerically simulated creep curves together with the experimental creep curves are
plotted in Figure 4. It can be seen that the simulated creep curves agree well with the experi-
mental curves. The numerical creep curves clearly capture the phenomenology of brittle creep:
the strain rate first decelerates followed by an acceleration in strain rate prior to final macro-
scopic failure.

Figure 5 presents the snapshots of the damage evolution of the numerical specimens deformed
at constant temperatures of 23, 50, and 90�C. Figure 5 shows when and where damage and

Figure 3. Comparison between numerical and experimental stress-strain curves for granite.

Figure 4. Comparisons between numerical and experimental creep curves under uniaxial conditions (σx = 0 MPa) at
constant temperatures of 23, 50, and 90�C.
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failure occur in the numerical specimen. The value of Young’s modulus is randomly distrib-
uted since the numerical rock samples are heterogeneous. Therefore, the elements with a low
Young’s modulus act as nucleation sites for damage. As time goes on, these damaged elements
grow and form localized damage zones. The localized damaged zones alter the stress field in
their surrounding region, and these alterations further trigger the dynamic extension of the
damage zone. Eventually, a thoroughgoing macroscopic fracture forms that signals the macro-
scopic failure of the sample.

3.3. Multistep brittle creep experiments

Chen et al. [18] also performed a series of multistep creep experiments to investigate the
influence of temperature and stress on the time-dependent behavior of Beishan granite.
Multistep creep tests were performed at confining pressures of 0, 1, and 5 MPa and at temper-
atures of 23�C (room temperature) and 90�C (the maximum temperature on the canister
surface according to the current disposal conceptual design in China), respectively. The stress
applied on the sample during the experiments was increased stepwise to predetermined
percentages of the average peak stress (20, 40, 60, and 80%). The sample was kept at each level
of stress for 1 week. We also performed numerical multistep creep simulations under the same
conditions to further validate our model. It is noted that the numerical multistep creep simu-
lations were all performed using the determined physico-mechanical and thermophysical
parameters listed in Table 1. During the simulations, the rock samples are fixed in the vertical
direction but can move freely in the horizontal direction.

The numerically simulated multistep creep curves together with the experimental multistep
creep curves are plotted in Figure 6. It can be seen from Figure 6 that the simulated multistep
creep curves are in good agreement with the experimental curves. In detail, the model captures
the influence of both confining pressure and temperature on the mechanical behavior, and the
strain at the different stress steps and the time to failure are very similar between the experi-
ment and the model (Figure 6).

We therefore conclude that, based on the above validations, our model can be used to investi-
gate time-dependent creep of low-porosity granite at different temperatures. We will now use

Figure 5. Snapshots of the simulated failure process during the brittle creep.
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our model to further explore the influence of temperature, differential stress, confining pres-
sure, and sample heterogeneity on brittle creep in low-porosity granite.

4. Numerical simulations

4.1. Model setup

In this section, the influence of temperature, differential stress, confining pressure, and sample
heterogeneity on brittle creep of granite was investigated with the proposed model. The
numerical samples as shown in Figure 7 are the same as the samples modeled in the validation
described above. The modeled samples were discretized into 20,000 square elements. We
applied various axial stresses of 140, 145, 150, 155, and 160 MPa and various constant temper-
atures 23, 40, 50, 75, and 90�C on numerical samples with a inhomogeneity index 4, 5, and 6,
respectively, to study the influence of temperature, differential stress, and sample heterogene-
ity on brittle creep of granite. The loading conditions are also shown in Figure 7. The relevant
model parameters in the simulations are the same as the parameters listed in Table 1.

4.2. Effect of temperature on brittle creep

In addition to the validations above, two additional simulations of brittle creep were
conducted under uniaxial compressive stress of 150 MPa at constant temperatures of 40 and
75�C. The creep curves and creep strain rate curves for various constant temperatures are
shown in Figure 8, and the curves clearly show the accelerating-decelerating phenomenology
of brittle creep observed in laboratory tests. We can see that there is a clear temperature effect
on brittle creep in granite from these simulations.

It is noted that the creep strain rate strongly depends on temperature as observed in brittle
creep experiments. The evolution of creep strain rate at various constant temperatures is

Figure 6. Multistep creep curves for simulations performed under different confining pressures (σx = 0, 1, and 5 MPa) and
temperatures (23 and 90�C).
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shown in Figure 8. The strain rate first decreases, reaches the minimum creep strain rate, and
finally increases as the sample approaches macroscopic failure. The simulations show that
there are several orders of magnitude difference in the minimum creep strain rate between a
lower temperature (23�C) and a higher temperature (90�C). A large increase in strain rate at a
higher temperature results in a large decrease in the time to failure (Figure 9) as observed in
laboratory experiments on granite [8].

Figure 8. Creep curves and creep strain rate curves for simulations performed under uniaxial conditions at constant
temperatures.

Figure 7. Numerical model and loading conditions for the simulated creep experiments.

Creep184



shown in Figure 8. The strain rate first decreases, reaches the minimum creep strain rate, and
finally increases as the sample approaches macroscopic failure. The simulations show that
there are several orders of magnitude difference in the minimum creep strain rate between a
lower temperature (23�C) and a higher temperature (90�C). A large increase in strain rate at a
higher temperature results in a large decrease in the time to failure (Figure 9) as observed in
laboratory experiments on granite [8].

Figure 8. Creep curves and creep strain rate curves for simulations performed under uniaxial conditions at constant
temperatures.

Figure 7. Numerical model and loading conditions for the simulated creep experiments.

Creep184

4.3. Effect of differential stress on brittle creep

Here, the results of single-step brittle creep experiments under different constant-applied
differential stresses were presented to study the effect of differential stress on brittle creep in
granite. Uniaxial creep tests at a constant temperature of 50�C and constant axial stresses of
140, 145, 150, 155, and 160 MPa are numerically performed, and the numerically obtained
creep curves for the five simulations are shown in Figure 10. Likewise, Figure 10 clearly shows
the accelerating-decelerating phenomenology of brittle creep seen in laboratory tests. The
simulations indicate that the differential stress has a great influence on brittle creep in granite,
as observed in brittle creep experiments [14]. First, the creep strain rate is higher when the
differential stress is higher. A change in differential stress from 140 to 160 MPa leads to an
increase in the minimum strain rate by over an order of magnitude. Similar observations have

Figure 9. Time-to-failure vs. temperature curve for simulations performed under uniaxial conditions at constant temper-
atures of 23, 40, 50, 75, and 90�C.

Figure 10. Creep curves and creep strain rate curves for simulations performed under uniaxial conditions at constant
differential stresses between 140 and 160 MPa.
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been experimentally obtained for many rock types [14]. As a result of the higher strain rate
at higher differential stress, the time-to-failure is reduced as differential stress is increased
(Figure 11).

Moreover, brittle creep tests under different constant confining pressures of 0, 2, and 10 MPa,
but the same constant temperature and applied axial stress of 50�C and 150 MPa, respectively,
were also performed, and the brittle creep curves were presented in Figure 12. The simulations
capture the decelerating-accelerating phenomenology in laboratory experiments and reveal
that confining pressure plays a great influence on brittle creep in granite. The creep strain rate
reduces with an increase in the confining pressure (Figure 12): an increase in confining

Figure 11. Time-to-failure vs. temperature curve for simulations performed under uniaxial conditions at constant differ-
ential stresses between 140 and 160 MPa.

Figure 12. Creep and creep strain rate curves for simulations performed under a constant differential stress of 150 MPa
and confining pressures of 0, 2, and 10 MPa.
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pressure from 0 to 10 MPa leads to a reduction in the minimum strain rate by about an order of
magnitude; the results are consistent with those from brittle creep experiments at different
confining pressures. Figure 12 also shows snapshots of each of the failed samples. It can be
seen that more localized shear damage occurred in rock samples at higher confining pressures.

4.4. Effect of material heterogeneity on brittle creep

As we know, rock is heterogeneous, and thus we use a statistical Weibull distribution to
reproduce material heterogeneity in rock. A set of simulations were performed to study the
effect of material heterogeneity on brittle creep in granite with different homogeneity indices
but at a temperature of 50�C, confining pressure of 0 MPa, and constant-applied axial stress of
150 MPa. The mean Young’s modulus and mean UCS of the elements were kept the same
(43 GPa and 350 MPa, respectively), and only the homogeneity indices were changed in these
simulations. As described above, a larger homogeneity index implies that the elements within
the sample are closer to the mean Young’s modulus and the mean UCS. Therefore, a sample
with a larger homogeneity index indicates that there are fewer low-strength elements in rock
sample, and it will become stronger and more brittle.

The simulated creep curves and the evolution of creep strain rate presented in Figure 13 show
that an increase in material homogeneity leads to a decrease in creep strain rate and an increase
in time to failure. For example, the minimum creep strain rate decreases by about an order of
magnitude, and the time to failure increases from about 111,600 to 358,200 s when the homo-
geneity index increases from 4 to 6. On the contrary, a decrease in material homogeneity results
in an increase in the creep strain rate and a decrease in the time to failure.

5. Concluding remarks

A numerical time-dependent thermomechanical model was proposed to simulate brittle creep
in granite under different loading conditions and different temperatures. The mechanical
parameters such as uniaxial compressive strength and Young’s modulus of the mesoscopic

Figure 13. Creep curves and creep strain rate curves for simulations performed on granite samples characterized by a
different homogeneity index.
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material elements assumed to be homogeneous and isotropic are randomly assigned with a
Weibull statistic distribution to reflect the material heterogeneity at a mesoscale. It is noted that
the model can well capture the cooperative interaction between microcracks in the transition
from distributed to localized damage. The model is validated against published experimental
data, and then conventional brittle creep experiments at various constant temperatures,
applied differential stresses, confining pressures, and sample homogeneities were simulated.
The simulations accurately capture the short- and long-term mechanical behavior of the exper-
imental brittle creep tests using unique thermo-physico-mechanical properties. The simula-
tions further show that an increase in temperature and differential stress leads to an increase in
the creep strain rate and therefore a decrease in time to failure and an increase in confining
pressure and sample homogeneity leads to a decrease in creep strain rate and an increase in
time to failure. Thus, the model proposed in the present paper will help the management and
optimization of rock engineering projects in granite.
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Abstract

This chapter presents a useful literature reviews and applied solved problems that focus
on the creep phenomenon and behavior of it in the solids. Various insights and available
studies are reviewed and investigated regarding the creep behavior analysis in three
categories such as analytical, numerical and experimental methods. In addition, novel
and recent findings are presented in this chapter such as predicting and obtaining the
viscosity of the solids at high temperatures using steady state creep phenomenon (i.e.,
introducing a simulation and analogy between creeping solids and viscous fluids).

Keywords: creep, analytical, numerical, experimental methods, solved problems

1. Introduction

Creep is a slow, continuous deformation of a material under constant stress and temperature.
On the other hand, creep phenomenon in solids under high stress and temperature is one of
the important topics in the scientific societies, and therefore, the creep analysis become more
significant in various industries. Therefore, study on the process of the creep phenomena is
essential and significant for engineering applications concerning high temperature and high
stress. For instance, spaceships, turbine blades and discs are commonly under the creep effects.
Additionally, predicting the creep behavior is very important for designing the advanced
reinforced/nonreinforced materials. Consequently, a logical analysis of the creep behavior and
its mechanisms for these materials is crucial. Creep phenomenon may be happened in short
fiber composites or nanocomposites because of any elevated temperatures and applied loads
which can be dangerous for composites and structures. Therefore, a thorough knowledge of
creep characteristics and deformation mechanisms of reinforced and nonreinforced materials
is required to utilize these composites in high stress and high temperature applications. In
recent years, extensive investigations have been conducted to predict the steady state creep
behaviors of the materials (see Figure 1).
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These advanced materials are generally used in various industries such as aircraft and aero-
space industries and other engineering applications because of numerous advantages. One of
the hazardous phenomena is creep occurrence which may occur in these materials. Conse-
quently, the creep must be accurately studied and analyzed to prevent unsafe and undesired
events. Several investigations have been performed to predict the creep behaviors of the
advanced reinforced/nonreinforced materials. In this chapter, in addition to presenting some
insights, the related previous studies are reviewed in three categories such as analytical,
numerical and experimental methods.

2. Analytical methods

In reinforced materials, various theoretical studies are based on the shear-lag theory [1–13]. For
more illustrations, 1D shear-lag theory was initially proposed by Cox [1], which is a strong
model for the stress transfer analysis of the unidirectional fibrous composites. Recently, Mondali
et al. [12] introduced a theoretical approach to predict the second-stage creep behavior of the
short fiber composites by using shear-lag model and imaginary fiber method. The creep behavior
of the creeping matrix was predicted using a creep exponential law. Moreover, various investi-
gators have studied fibrous composites by employing imaginary fiber method and technique
(fictitious fiber) elastically [14–18].

For instance, one of the useful and valuable researches was done by Weng and Sun [14]. They
employed the fictitious fiber technique and method to study the effects of the fiber length on
elastic moduli of randomly oriented chopped-fiber composites theoretically. The method and
technique is analogous to the imaginary fiber technique to analyze the short fiber compos-
ites. The mentioned solution method based on fictitious fiber technique [14] is similar to
Hsueh’s elastic solution [15], known as the imaginary fiber technique. The scientific applica-
tion of the fictitious and imaginary fiber method is very significant for analyzing the matrix
located at the top of the fiber. In addition, this model may assist to the analysis of a full and
complete fibrous composite.

Figure 1. (a) Creep ε� t diagram (b) creep σ� ε diagram [105].
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Stress transfer from the matrix to the embedded fiber in fiber-reinforced composites has been
studied elastically while the loading direction is parallel to the fiber axis and the fiber is bonded
to the matrix. Stress transfer occurs both at the interface along the fiber length and at the ends of
the fiber. Nevertheless, the boundary condition at the bonded ends is unclear, and different
suppositions were made analytically to achieve solutions for this stress transfer problem. To this
end, a novel insight of supposing imaginary fibers in the fibrous composite was introduced. In
comparison to the prior theoretical solutions, this method [15] bears more physical meaning and
is in better agreement with numerical (FEM) and experimental results [15].

In addition, many investigations were carried out concerning the creep of the fibrous composites
and applications by different methods theoretically [19–24]. Some investigators have employed
different methods in place of the shear-lag model to solve the problems like Eshelby’s thought
experiment with a formulation based on the Schapery model [19] and variational approach [21].
Also, Monfared et al. [22] proposed the second-stage creep strain rate of the short fiber compos-
ites without utilizing the shear-lag theory. They determined various key unknowns in the steady
state creep of the short fiber composites using mapping function and dimensionless parameter
techniques.

Furthermore, novel theoretical insight and formulation have been proposed for studying the
second-stage creep in fibrous composites utilizing complex variable method, at which, both
the matrix and fiber creep at low stresses and temperatures. To study the creeping fiber, a
plane stress model has been employed. Significant novelties of the research work of
Monfared et al. [23] are determination of the displacement rates with suitable boundary
conditions in the creeping fibers and also utilizing the complex variable method in the creep
analyzing. It is important that the model and method may be helpful to investigate the creep
behavior in polymeric matrix composites. Furthermore, another major application of
the method is to theoretically analyze the creep or elastic behavior of carbon nanotube poly-
mer composites. Here, as an example, a result presented in Ref. [23] is introduced as the
following:
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In above equation, Res indicates the residual value of ℵ z; zð Þ. Moreover, two analytical func-
tions r and ℵ are introduced through Cauchy-Goursat theorem. Therefore, _u1, _u2, U and U
may be obtained utilizing complex variable in the second-stage creep of the fibrous compos-
ites. All the mentioned theoretical and analytical functions like ϕ zð Þ can be supposed by a
polynomial function of degree n with its unknown coefficients. The unknowns may be obtained
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employing the appropriate boundary conditions. As the major benefit of the method and formu-
lation of [23], Eq. (3) will be able to analyze and solve the improper integrals [23]. Moreover,
displacement rates _w1 and _w2 are obtained utilizing different boundary conditions in the crept
matrix, distinctive geometric relations and same procedures. That is, _w1 ¼ ℶ zð Þ þΛ z� zð Þ ¼
Υ z� zð Þ and _w2 ¼

Þ
c2L z� zð Þdz� ÞcΤL z� zð Þdz� �

B þ ℧ zþ zð Þ ¼ G zþ zð Þ. Using the bound-
ary conditions, displacement rates _u1, _u2 and _w1, _w2 are coupled simultaneously. In above
equations, (u1, u2) and (w1, w2) are displacement fields in the fiber and matrix, respectively. Also,
subscripts 1 and 2 are related to x1 and x2 directions [23].

3. Numerical methods

Numerical attempts have been made for analyzing the creep problems by various investiga-
tors. Numerical methods have helped the researchers for analyzing the problems [25–33]. The
purpose of the paper [30] is to obtain the general creep mechanisms for the fibrous composites
(MMCs) subjected to axial stress states and to build a relation between the macroscopic stable
creep behavior and the material micro-geometric parameters numerically. The unit cell models
have been employed to compute the macroscopic creep behavior with different micro-
geometric parameters of the fibers on different loading directions. The influence of the geo-
metric parameters of the fibers and loading directions on the macroscopic creep behavior was
determined previously. The matrix and fiber interface were considered by a third layer, matrix
and fiber interlayer, in the unit cells with different creep properties and thickness. Based on the
numerical-obtained results of the unit cell models, a statistic model was introduced for the
plane randomly distributed-fiber MMCs. The fiber breakage was taken into account in the
statistic model because it starts early in the creep life experimentally. With the distribution of
the geometric parameters of the fibers, the obtained results of the statistic model agree well
with the experiments. With the statistic model, the influence of the geometric parameters and
the breakage of the fibers in addition to the properties and thickness of the interlayer on the
macroscopic steady state creep rate were discussed [30].

FEM investigation for steady state creep behavior of the creeping metal matrix composite was
done with supposing the fiber-matrix debonding parameter in the modeling byMondali et al. [31].
Accuracy of simulation and being time consuming are several major difficulties of FEM generally.
In addition, one of the significant sections of reference [33] is to predict the limited creep debonding
at the interface in the second-stage creep of the fibrous composites subjected to axial stress. At this
point, a key formulation, presented in Ref. [33], is generally introduced as the following:

The average axial stress of fiber is semi-analytically obtained as a function of interfacial shear
stress which is presented as follows:

σfzz ¼ Γ� τi � ℤlδD�δ � ℂzδD�δ� �
(4)

where parameters Γ,ℤ andℂ are constant coefficients and also τi and σfzz are the interfacial shear
stress and the average axial stress of the elastic fiber, respectively. In addition, the parameters of
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lδD�δ and zδD�δ are dimensionless parameters, which are employed to determine the quasi
shear lag formulation, that is, Eq. (4). Recent formulation may be obtained using linear combina-
tion of the elastic fiber diameter (D = 2a), axial position (z), dimensionless parameters (lD�1,
zD�1) and the fiber length (l) considering semi-theoretical approaches. After determining the
unknown coefficients, QSL formulation will be determined as below:

σfzz ffi τijr¼a
z¼l �

54l� 35z
10D

� �
(5)

where τijr¼a
z¼l is the maximum value of shear stress along the fiber length at the interface (i.e., at

z ¼ l, r ¼ a). Note that the formulation of interfacial shear stress, i.e. τi, is proposed by
Monfared et al. [22], which has been used for determining average axial stress in the fiber σfzz
as follows [22]:
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Other relation for obtaining a shear stress at the interface has the following form [22]:

τi ¼ τmrz
��
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In which,

_γrz ¼
∂ _u
∂z

þ ∂ _w
∂r

¼ 2 _εrz (9)

where μ ¼ a; b½ �,ℵ ¼ 0; lð �, which imply a ≤μ ≤ b and 0 < ℵ ≤ l. Also, _γrz is the shear strain rate
in the direction indicated by its subscript and _u and _w are, respectively, the radial and axial
displacement rates.

On the other hand, the average axial stress in the fiber is approximately linear in elastic state,
that is, σfzz ffi g1zþ g2. Note that the unknown coefficients g1 and g2 are obtained employing
mentioned calculations and engineering estimations. In general, average axial stress in the
fiber is calculated using maximum shear stress at the interface and geometric factors. As
mentioned earlier, a weight coefficient is considered for any parameter such as g1 and g2 with
parameter z employing numerical methods, weighted calculus (computer coding) and meta-
calculus with considering nonlinear regression and neural network approaches [33].
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4. Experimental methods

Unlike several difficulties of the experimental methods such as complexity of them (they may
be time-consuming, expensive and intricate), they are useful to predict the steady state creep
behaviors [34–49]. For instance, the second-stage creep behavior of the composite “SiC/Al6061”
was experimentally and analytically analyzed by Morimoto et al. [36], in which happening of
the non-aligned fibers and creation of the microcracks in the creeping composite are some
difficulties during the experimental process. For more illustration, the creep behavior of the
TiC-particulate-reinforced Ti alloy composite was studied at temperatures from 500 to 650�C
and applied stresses from 230 to 430 MPa [37].

The steady state creep behavior of poly (vinylidene fluoride) (PVDF)/multiwall carbon
nanotubes nanocomposites was investigated at various stress levels and temperatures exper-
imentally. To fine-tune the ability to transfer stress from matrix to carbon nanotubes, bud-
branched nanotubes were fabricated. The PVDF showed improved creep resistance by
adding carbon nanotubes. However, bud-branched nanotubes showed a modified stress-
and temperature-dependent creep resistance in comparison with carbon nanotubes. Also, at
low stress levels and low temperatures, bud-branched nanotubes showed better improve-
ment of the creep resistance than that of virgin carbon nanotubes, whereas at high stress
levels and high temperatures, the virgin carbon nanotubes presented better creep resistance
than that of bud-branched nanotubes. Differential scanning calorimetry (DSC), WAXD and
Fourier transform infrared spectroscopy (FTIR) were used to characterize the crystalline
structures, and dynamic mechanical properties were characterized by dynamic mechanical
analysis (DMA) testing. The Burger ’s model and the Findley power law were utilized to
model the creep behavior, and both were found to well describe the creep behavior of PVDF
and its nanocomposites. The relationship between the structures and properties was ana-
lyzed based on the parameters of the modeling. The improved creep resistance for PVDF by
adding the nanotubes would be beneficial for its application in thermoset composite welding
technology [47].

The high-temperature creep behaviors of 7075 and 2124 aluminum alloys have been ana-
lyzed by the constant-stress uniaxial tensile creep experiments. In addition, constitutive
models for describing the high-temperature creep behaviors of the studied aluminum alloys
were established based on the continuum damage mechanics (CDM). Initially, the contin-
uum damage mechanics (CDM) models were simplified to explain the primary and second-
ary creep of 7075 aluminum alloy. Then, because the effects of the applied stress on the creep
damage during tertiary stage were not entirely considered in the original CDM model, the
modified constitutive models were presented to predict the creep-rupture behavior of 2124
aluminum alloy. A stress exponent D, which can preferably reveal the effects of the applied
stress on the stationary creep damage, was presented in the modified model. The results of
this investigation showed that a good agreement between the measured and predicted
results was determined, which confirms that the established creep constitutive models can
give an precise and exact approximation of the high-temperature creep behaviors for 7075
and 2124 aluminum alloys [48]. Briefly, the high-temperature creep behaviors of 7075 and
2124 Al alloys were investigated; a stress exponent was proposed to preferably reveal the
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effects of the stress on creep damage and the established CDMmodels correlate well with the
experimental results [48].

In addition, the second-stage creep and recovery behaviors of polystyrene composites filled
with 2D chemically diminished graphene oxide sheets have been investigated, in which a
series of stationary creep and recovery characterization tests have been carried out for thermo-
plastic composites filled with three different types of carbon nanoadditives (including CB,
CNT and graphene). Furthermore, the thermal and dynamic mechanical properties of the
composites have been studied and analyzed to find and understand the relative formation
mechanisms generally [49].

5. Complementary methods

Complementary methods may be a combination of the three mentioned methods of analytical,
numerical and experimental approaches such as semi-analytical methods or other supplemen-
tary approaches. The mentioned methods (complementary methods) are a supplementary for
the three mentioned methods (analytical, numerical and experimental methods).

A semi-analytical formulation has been presented for obtaining the viscosity of solids (such
as metals) using the steady state creep model of the short fiber composites. For achieving this
aim, fluid mechanics theory was used for determining the viscosity. Sometimes, obtaining
the viscosity is experimentally difficult and intricate. Therefore, the present model may be
beneficial to obtain the viscosity of the metals [50].

Another research work was presented for simple and fast estimation of the creep plastic
behavior of the short fiber composites by a new approach based on neural network prediction.
The method has been introduced to diminish the solution process. Furthermore, as an impor-
tant application of the approach and the model mentioned in Ref. [51], spaceships and turbine
blades are commonly under the stationary creep effects. Thus, analysis of the steady state
creep is necessary and essential in various industries. Therefore, analysis of the second-stage
creep behavior is mandatory for analysis of failure and fracture and creep resistance of the
fibrous composites. One of the major applications of the research work [51] is the design of the
fibrous composites with optical fibers and devices [51].

A new analytical approach was presented for analyzing the steady state creep in a short fiber
composite SiC/Al6061 (Silicon Carbide/Aluminum 6061) under axial load based on high order
displacement functions. The creep behavior of the matrix was described by an exponential law
with elastic behavior of fibers. Predicting the creep behavior of the short fiber composite
“Silicon Carbide/Aluminum 6061” using high order functions analytically was the novelty of
the work. The research work was presented in order to prevent unwanted happenings, in
addition to the control of the second-stage creep deformation rate. As a result, the creep
behaviors are controllable, and the diagrams have smooth gradients and slopes [52]. Indenta-
tion creep behavior at room temperature and its mechanism of Ti-10 V-2Fe-3Al alloy with dual
phase structure were investigated. Micro-indentation creep tests were performed under the
maximum indenter load ranging from 1500 to 4500 mN and the holding time of 300 s. The
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effect of indenter load on creep behavior and creep parameters, like creep rate, creep strain
rate, indentation stress and creep stress exponent, were analyzed at the steady state creep. The
results revealed that creep parameters exhibited significantly indentation depth dependent. At
the secondary stage of creep, creep strain rate and creep rate increased with the increase of
maximum indenter load, whereas creep stress and creep stress exponent exhibited an opposite
trend. Especially, creep stress exponent of 7.65 � 1.25 in power-law creep behavior of Ti-10 V-
2Fe-3Al alloy, which was consistent with dislocation process, indicated that the secondary stage
of creep may be dominated by dislocation climb. Furthermore, experimental data and figures
were used to evaluate and comprehend likely creep mechanisms during a micro-indentation
scheme of Ti-10 V-2Fe-3Al alloy [53]. Briefly, micro-indentation creep behavior with various
indenter loads was investigated; creep rate and indentation stress showed a linear relationship
with indenter loads; high creep strain rate can be induced by increasing indenter load at holding
time; indenter load effects on creep stress exponent are similar to that of hardness and the creep
behavior at secondary stage may be dominated by dislocation climb [53].

Steady state creep was characterized for Ni-8YSZ solid oxide fuel/electrolysis cell (SOFC/
SOEC) substrate material. Intrinsic and extrinsic factors affecting creep behaviors such as
compositional ratio, porosity and mechanical loading configuration were assessed. Mechanical
tests were supported by analytical and numerical calculations. The results indicated a
diffusion-dominated creep mechanism under both compressive and tensile creep conditions.
Creep appeared to be dominated by the ceramic phase. Porosity significantly reduced creep
resistance. The activation energy was discussed based on loading configuration, temperature
and porosity [54]. In brief, the creep of porous Ni-8YSZ anode substrates was investigated
systematically; the porosity, composition ratio and loading configuration have effects on creep;
the suitability of different testing methods was successfully analyzed and derived creep
parameters can be used for materials’ validation and modeling [54].

Creep deformation and fracture behaviors of Sanicro 25 alloy were obtained based on long-
term creep strain tests. The multiscale precipitation behaviors were calculated thermodynam-
ically and inspected by examination of the microstructure of the as-crept alloy [55]. Briefly,
multiscale precipitation behaviors of Sanicro 25 during long-term creep were revealed; fine-
distributed nanoscale precipitates were found as the main strengthening phases of Sanicro 25
at elevated temperatures and preferred grain orientation of Sanicro 25 before and after creep
under different conditions were investigated by electron back-scattered diffraction [55]. In situ
neutron diffraction measurements were performed on monocrystalline samples of the Ni-
based superalloy CMSX-4 during N-type γ0 raft formation under the tensile creep conditions
of 1150�C/100 MPa and subsequently on a rafted sample under the low temperature/high
stress creep conditions of 715�C/825 MPa.

During 1150�C/100 MPa creep, the γ0 volume fraction decreased from �70 to �50%, the lattice
parameter misfit was partly relieved and the load was transferred from the creeping γ matrix
to the γ0 precipitates. In the process of cooling back to room temperature, a fine distribution
of γ0 precipitates formed in the γ channels, and these precipitates were present in the 715�C/
825 MPa creep regime. Under low temperature/high stress creep, the alloy with rafted γ0
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microstructure exhibited superior creep strength to the cuboidal γ0 microstructure produced
following a standard heat treatment. A lengthy creep incubation period was observed,
believed to be associated with {111} 〈110〉 dislocations hindering propagation of {111} 〈112〉
dislocations. Following the creep incubation period, extensive macroscopic creep strain accu-
mulated during primary creep as the γ-phase yielded. Finally, the diffraction data suggest a
loss of precipitate/matrix coherency in the (0 k0) interfaces as creep strain accumulated [56].
Bending creep deformation mechanism for nickel nanobeam was investigated using molecular
dynamics simulation. Low temperature creep deformation (T < 0:3Tm) was found to be
guided by jog formation and glide motion of grain boundary, whereas lattice diffusion, grain
boundary migration and sliding are the controlling mechanism for high-temperature deforma-
tion (T > 0.5Tm). The occurrence of tertiary creep regime was observed only at high-
temperature deformation due to creep instability caused by cavity formation. It was revealed
through dislocation analysis that intrinsic Frank partial dislocations are the driving factor for
cavity generation leading to intergranular fracture [57]. Briefly, it is for the first time, the study
of bending creep deformation and the underlying mechanism at nanoscale level; jog formation
helps the grain boundary movement during low temperature bending creep deformation;
intrinsic Frank dislocations cause cavity formation at tertiary regime for high-temperature
bending creep [57].

The as-received cast and forged (C&F) P91 steel was subjected to the creep test at temperature
of 620–650�C for applied stress of 120 MPa. The room temperature tensile test was conducted
after normalizing and tempering (N&T) treatment of the ruptured creep specimen. The stan-
dard tensile test specimen was prepared from the gauge section of creep-ruptured specimen.
The N&T treatment was performed to restore the microstructure and mechanical properties of
virgin P91 steel (N&T P91 steel). The microstructure of creep-fractured specimen in ruptured
state and N&T condition were characterized by using field-emission scanning electron micro-
scope (FE-SEM) with energy dispersive X-ray spectroscopy (EDS). The fracture surface mor-
phology of crept specimen and the tensile tested specimen was also studied. The effect of prior
creep deformation on the mechanical strength was more significant in the sample with longer
creep rupture life [58].

Briefly, creep test was performed in temperature range of 620–650�C and at stress of 120 MPa;
the effect of creep rupture life on precipitate size and fraction area of precipitates; the effect of
creep rupture life on fracture surface morphology of creep tested cast-forged P91 steel; the
tensile properties of N&T creep fractured material compared with N&T cast-forged P91 steel
and the fracture surface morphology of tensile fractured surface by using FESEMwere studied
[58] (see Figures 2, 3).

The creep behavior and microstructural evolution of 8030 alloy at 90–150�C and 50–90 MPa
of applied tensile stress were investigated by creep testing and transmission electron microscopy.
The 8030 alloy possesses excellent creep resistance at low temperatures. The sizes of a small
number of subgrains increase during the creep process due to subgrain merging. A creep activa-
tion energy of 123.2 kJ/mol is close to that of the lattice self-diffusion in aluminum, implying
that a lattice self-diffusion mechanism is dominant at 150�C/90 MPa (Figures 4 and 5), [59].
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Briefly, the 8030 alloy possesses excellent creep resistance at low temperatures; Al3Fe-phase can
improve the creep resistance of 8030 alloy; there are two kinds of creep mechanism at low
temperature; the creep threshold stress is close to 0 MPa at 90 MPa/150�C [59].

Figure 2. Creep rupture behavior of P91 steel [58].

Figure 3. Engineering stress-strain curve [58].
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Study of creep behavior of base metal (without weld) and welded specimens of P91B steel over
a range of temperatures (600–650�C) and stresses (50–180 MPa) showed similar values of
minimum creep rates for both specimens at higher stress regime (>100 MPa), whereas signifi-
cantly higher creep rates in the case of welded specimens at lower stress regime. Considering

Figure 4. Relationship between ln _εs and ln σ of 8030 alloys. (error bars: One standard deviation) [59].

Figure 5. Relationship between ln _εs and ln σ of 8030 alloys. (error bars: One standard deviation) [59].
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that welded specimen is composed of two distinct structural regimes, that is, weld-affected
zone and base metal, a method has been proposed for estimating the material parameters
describing creep behavior of those regimes.

Stress-strain distribution across welded specimen predicted from finite element analysis based
on material parameters revealed preferential accumulation of stress and creep strain at the
interface between weld zone and base metal (Figures 6 and 7). This is in agreement with the
experimental finding that creep rupture preferentially occurs at intercritical heat-affected zone
in welded specimens owing to ferrite-martensite structure with coarse Cr23C6 particles [60].
Briefly, comparison of creep properties of welded and virgin specimens of P91B steel was
performed; at lower stresses (<100 MPa), welded samples show higher minimum creep rate;
creep rupture at intercritical heat-affected zone (IC-HAZ) in welded specimens; FEA showing
accumulation of creep strain in weld/base metal interface and precipitate-free soft ferrite
matrix accumulates strain and weakens IC-HAZ [60].

A group of segmented polyurethane copolymers with different hard segment (HS) contents
were successfully synthesized. The microstructure of the PU copolymers was characterized via
Fourier transform infrared spectroscopy (FTIR), differential scanning calorimetry (DSC),
dynamic mechanical analysis (DMA) and small-angle neutron scattering (SANS) [61]. The
creep behaviors of two alloys were studied under the temperature of 700�C and three applied
stresses (560, 650 and 720 MPa) in order to investigate the creep mechanisms of Inconel718 and
Allvac718Plus, using multiple microstructural analysis methods, including scanning electron
microscope (SEM), field-emission scanning electron microscope (FE-SEM) and transmission
electron microscopy (TEM).

Result showed that steady state region is not observed in these two alloys. Creep curves of two
alloys were composed of primary region and tertiary region. Tertiary region occupies a domi-
nant position. Ductile dimples were observed on creep fracture surface, indicating creep mecha-
nisms of two alloys are the formation of creep voids. Also, the formation of creep voids is found
to be correlated with three factors which are dislocation multiplication, dislocation motion and
dislocation obstacles. Inconel718 has higher dislocation multiplication rate, larger dislocation
motion rate and more δ-phases and fewer bands than Allvac718Plus. Therefore, Inconel718 has
higher creep voids rate than Allvac718Plus, leading to the result that Inconel718 has shorter
creep life than Allvac718Plus [62].

A spark plasma sintering (SPS) apparatus was used to perform uniaxial compressive creep
tests on dense SPS-processed fine-grained alumina (Figure 8). Experiments were carried out in
the 1125–1250�C temperature range under an applied stress of 80–120 MPa. Creep rates, stress
exponent and apparent activation energy were determined. The microstructure of deformed
samples was characterized by HRSEM. The creep rates, stress exponent (1.9–2.1) and apparent
activation energy (454 kJ/mol) values obtained are in a good agreement with data reported in
the study regarding creep of fine-grained polycrystalline alumina. These results, together with
microstructural observations, suggest that the creep mechanism involved was grain boundary
sliding (GBS), accommodated by dislocation climb and controlled by diffusion along the grain
boundaries. It was thus demonstrated that an SPS apparatus can be employed as an accurate
high-temperature creep testing system [63].
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Figure 6. SEM-BSE micrographs showing the microstructures at different locations across the weldments: (a–d) before
creep testing and (e–h) after creep testing (creep exposure at 650�C/50 MPa and rupture time is 3772 h) [60].
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Copper gives creep strain versus time curves at 75�C, which look very similar to those
recorded at much higher temperatures. Thus, an extended secondary stage where the strain
rate is constant is observed. Considering the high creep exponent that can be up to 75, one
would expect a creep curve with rapidly increasing strain rate but that is not found. The
difference of creep of pure metals at high temperatures is so large that we can talk about

Figure 8. Creep rates of alumina as a function of true stress [63].

Figure 7. Comparison of creep strain time curves between experiment and FEA for composite structure at 650�C/70 MPa
[60].
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an entirely new material class with respect to creep. To explain the observations, a recently
developed dislocation model (Sandstrom, 2017) for cell structures is used.

A new creep model was presented where a back stress based on the dislocations in the cell walls
is introduced. Unbalanced sets of dislocations without matching dislocations of opposite signs
are formed in the cell walls. Since the unbalanced content is not exposed to static recovery, it
forms a stable back stress. It was shown that the computed back stress can fully explain the
observations and reproduce both creep curves and results for slow strain rate tensile tests [64].
Also, the creep behavior of alumina has been investigated [65–77]. There are numerous instances
of the structural application of GFRP in the construction of buildings and bridges [78, 79].
Exceptional reviews of the widespread studies on the topic may be found in some important
references [80–82]. Also, some studies were done regarding the proposition of quantummechan-
ical tunneling of dislocations at very low temperature [83–88].

Till now, numerous constitutive models have been presented to address viscoplastic, plasticity
and the creep behaviors of materials [89–107]. Also, the time-dependent creep deformation of a
metallic component under applied stress and temperature was studied by many researchers
[92, 99, 104, 105].

Creep rupture and failure of the creeping metals are dedicated to the basic explanation of the
creep which happens extensively in high-temperature deformation of the creeping metals.
Particular concentration and attention are paid to the analysis of long-term strength, which
characterizes the stress at which the creeping metal does not fail after a predetermined time.
Lokoshchenko [106] details experimental and analytical results determined by Soviet and
Russian scientists who are absent in presently accessible publications and demonstrates theo-
retical models and methods to attain long-term strength in metals [106].

As another interesting book, the third edition of fundamentals of creep in metals and alloys [105]
stays generally up to date for the creeping metals, there are a wide range of improvements and
updates that are either pleasing, or necessary, to make sure that the book continues to meet the
needs of the investigators in the general area of steady state creep plasticity (time-dependent
plasticity, viscoplastic and viscoelastic). As well, updating the areas presently covered in the
second edition with new advances, the third edition will broaden its scope beyond metals and
alloys to include ceramics, covalent solids, minerals and polymers, hence addressing the funda-
mentals of creep in all fundamental classes of the creeping materials [105].

6. Solved problems

Problem 6.1. Determine the viscosity of the creeping fibrous composites semi-theoretically.

Solution:
A semi-analytical formulation is presented for obtaining the viscosity of solids (such as metals)
using the steady state creep model of the short fiber composites. For achieving this aim, fluid
mechanics theory is used for determining the viscosity. Sometimes, obtaining the viscosity is
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experimentally difficult and intricate. Therefore, the present model may be beneficial to obtain
the viscosity of metals (see Figure 9).

Figure 9 graphically shows a simple simulation and analogy between the steady state creep
behavior of the short fiber composite and viscosity of the viscous fluid. The shear stress is
generally defined by the following equation in the creeping solids at any given arbitrary r ¼ r0
and z ¼ z0 mathematically,

τmatrix
rz ¼ a0ln zþ a1 (10)

where the constants “a0” and “a1” are introduced in Eqs. (17a, b). On the other hand, the shear
stress in the fluids is given by:

τfluidrz ¼ μ _γ fluid
rz (11)

where the parameters “μ” and “ _γ” are the viscosity and shear strain rate, respectively. The
shear strain rate “ _γ” is defined as follows:

_γrz ¼
∂ _w
∂r

þ ∂ _u
∂z

(12)

Now, the average shear stress at the interface is obtained for determining the viscosity “μ” as
follows:

τmatrix
rz

��r¼a
average ¼

1
l

ðl

0

a0ln zþ a1ð Þdz (13)

Figure 9. Simulation between creeping composite and viscous fluid.
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Thus, the viscosity “μ” is determined by the combination of Eqs. (10)–(13), which yields

μ ¼
τmatrix
rz

��r¼a
average

_γ

matrix

rz
(14)

To summarize the calculations, previously published research results [13] are used for
obtaining the viscosity “μ” (Eq. (14)). Therefore, the viscosity of the creeping matrix in the
short fiber composite is determined using fluid mechanics and creep theories. Finally, the
viscosity of the metals at the mentioned temperatures “μ” is semi-analytically obtained by the
following relation:

τmatrix½ �obtained using available results 13;22�24½ �
creep of composite ¼ τviscous fluid

� �viscosity“μ”is unknown
fluid ¼ μ _γfluid ¼ μ

∂ _w
∂r

þ ∂ _u
∂z

� �
(15)

where _u (radial displacement rate) and _w (axial displacement rate) are obtained using the
obtained results presented in [13, 22–24]. Moreover, the creeping shear stress “τmatrix” is
presented in Eqs. (17a, b). For the fibrous composite employed here “SiC/Al6061,” the volume
fraction of the fibers is approximately 15% and the fibers have an aspect ratio of 7.4 and
k = 0.76, which are according to the Ref. [36]. In addition, the second-stage creep constants of
the creeping matrix material, A and B, in Eq. (16) at 300

�
C are considered as A = exp.(�24.7) and

B = 6.47, given by Morimoto et al. [36].

Figure 10. Shear stress behavior in the creeping metal matrix composite in the steady state creep (at interface, r = a, with
the assumption of a = 1).
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_εe ¼ Aexp
σe

B

� �
(16)

where σe and _εe are the equivalent stress and equivalent strain rate of the creeping matrix,
respectively. A quantitative example is presented in this section. The interfacial shear stress is
in the following form mathematically:

τi ¼ τfluidrz

��
r¼a ¼ μ _γfluid

rz

��
r¼a (17)

τi ¼ 3:75 ln
z
l

� �
þ 27:2 (18)

Shear stress presented in Eqs. (17a, b) is graphically shown in Figure 10.

The average shear stress, τmatrix
rz (at interface, r = a), is obtained by Eq. (13). Also, the shear strain

rate, _γmatrix
rz , is determined by Eq. (12). By a simple calculation, the viscosity,μ, for the men-

tioned metal Al6061 under the mentioned conditions is approximately equal to 4:8� 1015λ Pa.s,
in which the parameter of “λ” is a positive and small number. Also, FEM nodal solution of the

Figure 11. FEM nodal solution of the unit cell for predicting the shear stress behavior (the distribution of the shear
stresses in the unit cell) [x ¼ r radialð Þ, y ¼ z axialð Þ and z ¼ θ circumferentialð Þ].
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unit cell for predicting the shear stress behavior is shown in Figure 11 for better understanding
the shear stress behavior in the steady state creep of the short fiber composites. Figures 10 and 11
are presented with an assumption of a = 1.

For comparison purpose, the viscosity of pitch at 298 K is equal to 2:3� 108 Pa.s [34]. The
results of the present method for obtaining the viscosity have a good agreement with the other
available research results. The value of the mentioned viscosity is logical in comparison with
the available results. In this problem, a novel approach was introduced to obtain the viscosity
of the metals using the creeping property of the composites.

In addition, the behavior of the creeping metals under applied stress and temperature was
simulated with the viscous fluids. The present method is useful and applicable for obtaining
the viscosity, because the expensive and time-consuming experimental methods have many
difficulties in determining the viscosity of the metals at high temperatures. Also, sometimes
obtaining the viscosity of the metals at some temperatures is very intricate. Finally, this method
can be used for obtaining the viscosity of the metals under different conditions using the
steady state creeping property of the composites [50].

Problem 6.2. The Cauchy stress tensor components at one point of a creeping material (second-
stage creep) considering Newtonian fluid, in which the bulk viscosity coefficient is zero, are
given by:

σij ¼
�1 1 �1
1 �5 3

�1 3 �3

2
64

3
75 Pa (19)

Obtain the viscous stress tensor components in a creeping material (such as creeping matrix in
composites).

Solution:

If the bulk viscosity coefficient is zero, Stokes’ condition, we will have, p ¼ pave ¼ p0, and more-
over, we may determine

σij ¼ �pδij þ τij (20)

Also, have

κ ¼ λþ 2
3
μ ¼ 0 (21)

It yields

σii ¼ �3p (22)

p ¼ �σii
3

¼ � �1� 5� 3ð Þ
3

¼ 3 (23)
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Therefore, we have

τij ¼ σij þ pδij ¼
�1 1 �1
1 �5 3

�1 3 �3

2
64

3
75þ

3 0 0
0 3 0
0 0 3

2
64

3
75 ¼

2 1 �1
1 �2 3

�1 3 0

2
64

3
75Pa (24)

Problem 6.3. Assume that the Cauchy stress tensor components at the point P of a creeping
material (steady state creep) are given by the following form:

σij ¼
1 6 7
6 7 9
7 9 4

2
64

3
75 GPa (25)

a) Determine the hydrostatic stress (mean stress).

b) Obtain the deviatoric and spherical part of the stress tensor of “σ”:

Solution:

a) The hydrostatic stress (mean stress) is given by the following equation:

σm ¼ σHyd ¼ σii
3

¼ 1þ 7þ 4
3

¼ 4 (26)

b) The spherical part of stress tensor “σ” is given by the following equation:

σsphij ¼ Iσ
3
δij ¼ σHydδij ¼

σHyd 0 0
0 σHyd 0
0 0 σHyd

2
64

3
75 ¼

4 0 0
0 4 0
0 0 4

2
64

3
75 (27)

And the Deviatoric part becomes as follows:

σij ¼ σsphij þ σdevij (28)

Therefore,

σdevij ¼ σij � σsphij (29)

Finally,

σdevij ¼
�3 6 7
6 3 9
7 9 0

2
64

3
75 GPa (30)
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Problem 6.4. The below second-stage creep data have been taken on an aluminum alloy at
400

�
C and a constant stress of 25 MPa (see Table 1). Draw the following data as strain versus

time, and after that obtain the steady state or minimum creep rate generally and approxi-
mately. Comment: The preliminary and immediate strain is not included (Based on University
of California San Diego’s (UCSD) exams).

Solution:

These creep data are plotted as shown in Figure 12.

Time (min) Strain Time (min) Strain

0 0.000 16 0.135

2 0.025 18 0.153

4 0.043 20 0.172

6 0.065 22 0.193

8 0.078 24 0.218

10 0.092 26 0.255

12 0.109 28 0.307

14 0.120 30 0.368

Table 1. Aluminum alloy at 400
�
C and a constant stress of 25 MPa.

Figure 12. Plotted creep data.
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The steady state creep rate (Δε/Δt) is the slope of the linear region. The straight line has been
superimposed on the curve.

Problem 6.5. Steady state creep rate data for nickel at 1000�C (1273 K) are given in Table 2:

If it is known that the activation energy for creep is 272,000 J/mol, compute the steady state
creep rate at a temperature of 850�C (1123 K) and a stress level of 25 MPa (3625 psi) (based on
University of California San Diego’s (UCSD) exams).

Solution:

Taking natural logarithms of both sides of the following equation yield,

_εs ¼ Kσnexp � Qc

RT

� �
(31)

ln _εsð Þ ¼ ln Kð Þ þ nln σð Þ � Qc

RT
(32)

With the given data, there are two unknowns in this equation (namely K and n). Using the data
provided in the problem statement, we can set up two independent equations as follows:

ln 1� 10�4� � ¼ ln Kð Þ þ nln 15ð Þ � 272000
8:31� 1273

(33)

ln 1� 10�6� � ¼ ln Kð Þ þ nln 4:5ð Þ � 272000
8:31� 1273

(34)

Therefore, we have

n = 3.825, K = 466 1/s.

Thus, it is now possible to solve at 25 MPa and 1123 K using the mentioned equation.

_εs ¼ Kσnexp � Qc

RT

� �
¼ 466� 253:825exp � 272000

8:31� 1273

� �
¼ 2:28� 10�5 s�1 (35)

_εs s�1
� �

σ[MPa (psi)]

10�4 15 (2175)

10�6 4.5 (650)

Table 2. Data of nickel at 1000�C (1273 K).
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Abstract

There are many applications where the combination of stress and elevated temperature
require creep to be considered during the design process. For some applications, an
evaluation of rupture life for given conditions is sufficient, however, for components
such as those in gas turbine aeroengines, the accumulation of creep strain over time and
the effect this has on other phenomena, such as high-temperature fatigue must be
considered. In this chapter, modern creep curve modelling methods are applied to alloys
used in gas turbine applications over a wide range of test conditions. Also, different
creep hardening modelling methods are discussed along with their application to tran-
sient creep showing the deficiencies of simplistic models. Models are related to
micromechanical properties where possible, and creep damage models are evaluated
and applied to different applications using finite element analysis (FEA).

Keywords: creep, creep damage, stress relaxation, finite element analysis (FEA)

1. Introduction

When designing components for high temperature applications, the effects of creep must be
considered. For simple cases, prediction methods that evaluate creep rupture life, tF, based on
applied stress and temperature are sufficient. These ‘single-point’predictionmethods such as those
proposedbyNorton [1], Larson andMiller [2] andmore recently, the hyperbolic tangentmethod [3]
andWilshire equations [4], vary in complexity and in their ability to predict creep properties of the
full range of applied conditions [5, 6]. Similarly,minimum creep rates, _εm, can be related to applied
stress and temperature using similar equations or by using theMonkman-Grant relationship [7],

M ¼ tF _εm (1)

whereM is the Monkman-Grant constant. The minimum creep rate, although useful for simple
calculations, does not represent the full range of creep behaviour for an alloy at any given
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applied conditions. On applying load to a material at high temperature the initial creep rate is
high before decreasing to a minimum rate, a phenomenon known as primary creep. As
deformation continues, the creep rate increases to failure during tertiary creep, giving the
creep curve the characteristic shape shown in Figure 1. The shape of a creep curve can vary
significantly depending on material and applied conditions [8]. This can have a considerable
influence when calculating the lives of engineering components, especially in components
where the effects of creep deformation and damage interact with other phenomenon such as
fatigue during high-temperature fatigue or thermomechanical fatigue (TMF) [9].

Evaluating creep behaviour based on single point prediction methods alone cannot fully
describe the shape of a creep curve since different curves can exhibit the same rupture life
and minimum creep rate (Figure 1). Furthermore, to evaluate the creep behaviour of complex
shaped components, simple calculations must be replaced by a more multifaceted approach
such as finite element analysis [10]. To develop creep models suitable for finite element
analysis, the full creep curve of a material must be obtainable over a wide range of conditions
and an appropriate hardening model must be used. Furthermore, in order to predict rupture
during variable creep conditions, a suitable damage model must be used.

2. Creep deformation

2.1. Full creep curve prediction methods

Many approaches exist for evaluating creep deformation behaviour from simple time-
hardening models which only predict tertiary creep, to phenomenological models which aim
to predict the micro-mechanisms of creep. Two main approaches for predicting full creep
curves are investigated in this section. The first approach involves evaluating the times to
given creep strain levels for a range of tests using a similar approach to stress rupture.
Parameters are then derived to describe how this relationship varies with increasing creep
strain. Examples of this method include an empirical relationship proposed by Gray and
Whittaker [11] and a method based on the Wilshire equations [12, 13]. The former method
relates times to strain, tε, to applied test conditions using

t εð Þ exp �Q∗
c

RT

� �
¼ M εð Þ 1� σ

σN

� �P εð Þ
(2)

Figure 1. Schematic representation of different creep curves with equivalent rupture times and minimum creep rates.
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where the σN is the temperature dependent tensile strength, yield stress or proof stress. The
parameters M εð Þ and P εð Þ are related to strain using a Frechet and Lognormal distribution
with μ = 0, respectively

M εð Þ ¼ A1 exp � ε
A2

� ��A3
 !

(3)

P εð Þ ¼ A4

εA5
ffiffiffiffiffiffi
2π

p exp � ln A6εð Þ½ �2
2A2

5

 !
þ A7 (4)

where A1–7 are material constants, derived from experimental data. This method has been
successfully applied to many creep resistant metals and alloys [11].

The Wilshire approach has been show to extrapolate stress rupture times and minimum creep
rates well [4, 5, 12–15]. An extension of this method uses an equation of similar form to relate
times to a given creep strain to applied stress and temperature,

σ
σTS

¼ exp �k3 tε exp
�Q∗

c

RT

� �� �w� �
(5)

where σ and T are the applied test stress and temperature respectively, tε is the time to a given
creep strain, σTS is the ultimate tensile strength at applied test temperature, and, Q∗

c is the
activation energy for creep evaluated for 1/T against σ=σTS. The material constants k3 and w are
obtained from the gradient and intercept from plotting ln ln σ=σTSð Þð Þ against tε exp �Q∗

c=RT
� �

.
Eq. (5) has been successfully used to represent creep data for alloys such as Ti834 [12] and
Alloy720Li [13]. Figure 2 shows creep strain data for Inconel100 with Eq. (5) representing
creep strain data from 0.05 to 2% creep strain. Values for k3 and w and in some cases Qc

*, are
not always constant across the full range of creep conditions. Studies [13, 14] have shown that
in the case of creep rupture, there may be 2 or more sets of these parameters to account for
different dominant creep mechanisms at different applied conditions. These changes in param-
eters usually occur at phenomena such as above and below the yield stress where dislocation
networks change considerably [15]. Similar ‘break points’ have been observed for predicted
times to strain for the nickel based superalloy, Alloy720Li [13].

Different relationships have been proposed to relate the parameters of Eq. (5) for different
values of strain. For the nickel based superalloy Alloy720Li, w was found to vary minimally as
strain increased and was assumed to be constant. A power law relationship was used to relate
k3 to creep strain, ε:

k3 ¼ k3,0 þ k3,1ε�k3,2 (6)

where k3,0, k3,1 and k3,2 are material constants obtained from experimental data [13]. Care must
be taken when evaluating the trends in w and k3 because negative creep rates are possible if
they deviate significantly with test data.

An alternative method to predicting full creep curves involves using equations to represent
time verses creep strain behaviour and relating the parameters of these equations to applied
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stress and temperature. Examples of this method include the theta-projection method [16, 17],
a model by Dyson and McLean [18], and, a true stress method proposed by Wu et al. [19]. Both
methods split the creep curve in to primary and tertiary regions, using equations of similar
form to characterise each region. In the case of the theta method, creep strain is related to time
using:

ε ¼ θ1 1� e�θ2t
� �þ θ3 eθ4t � 1

� �
(7)

where θ1�4 are the 4-θ coefficients obtained from the experimental test data. These parameters
are determined by minimising φ in the expression:

φn�1 ¼
Xn�1

i¼1

εi � θ1 1� e�θ2ti
� �þ θ3 eθ4ti � 1

� �� �2
(8)

for n data points where εi and ti are strain and time values for each data point. The expression
θ1 1� e�θ2t
� �

represents the decreasing rate of primary creep and θ3 eθ4t � 1
� �

represents ter-
tiary creep. The parameters θ1 and θ3 represent the magnitude of primary and tertiary creep
respectively and are referred to as scale parameter, whereas θ2 and θ4 characterise the curva-
ture of the primary and tertiary phases and are termed rate parameters (Figure 3). Figure 4
shows how this method has been used to accurately represent the curve shapes of many
different metals and alloys over a range of applied conditions.

Various methods have been proposed to relate θ1�4 to applied test conditions. Evans [17] used
a multi-linear approach whereby:

Figure 2. Times to 0.2%, 0.5%, 1% and 2% strain for Inconel100 with fits obtained using Eq. (5).
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ln θkð Þh ¼ ak þ bkσh þ ckTh þ dkσhTh, k ¼ 1–4 (9)

where ak, bk, ck and dk (k = 1–4) are obtained by linear regression. This empirical approach
interpolates the θ-coefficients well, however produces unrealistic values when extrapolating to
applied conditions beyond existing experimental data. Poor extrapolation is problematic when
evaluating the creep behaviour of complex engineering components using finite element
analysis (FEA) since some regions of the components may have values of σ and T that do not
correspond to those tested through uniaxial creep tests [10]. An alternative approach is to use a

Figure 3. Schematic representation of a creep curve represented by Eq. (7), showing primary and tertiary regions.

Figure 4. Examples of creep curves represented by the theta-projection method (Eq. (7)).

Advanced Methods for Creep in Engineering Design
http://dx.doi.org/10.5772/intechopen.72319

225



power law expression to relate θ1�4 to σ and an Arrhenius expression to account for temper-
ature effects. For the titanium aluminide alloy Ti-45Al-2Mn-2Nb the stress was normalised
against temperature compensated tensile strength, σTS, which was sufficient to account for
temperature effects for θ1 and θ3 [20]. The equations used to relate θ1�4. To applied test
conditions are

θ1 ¼ A1
σ
σTS

� �n1

(10)

θ2 ¼ A2
σ
σTS

� �n2

exp
�Q∗

2

RT

� �
(11)

θ3 ¼ A3
σ
σTS

� �n3

(12)

θ4 ¼ A4
σ
σTS

� �n4

exp
�Q∗

4

RT

� �
(13)

where Q∗
k , Ak and nk (k = 1, 4) are determined from θ-coefficents obtained using Eq. (8). The

parameters of Eqs. (10) and (11) are determined from the gradients and intercepts of linear
lines of best fit from plots of ln θ1ð Þ and ln θ3ð Þ against ln σ=σTSð Þ respectively. θ2 and θ4

display more dependence on temperature and are evaluated from plots of ln θ2 exp Q∗
2=RT

� �� �

and ln θ4 exp Q∗
4=RT

� �� �
against ln σ=σTSð Þ respectively. Since, stress is normalised using tem-

perature dependent tensile strength Q∗
2 and Q∗

4 are lower than values for activation energy
evaluated against σ alone. A common activation energy of 330 KJmol�1 was found to apply to
both Q∗

2 and Q∗
4, a value similar to the measured interdiffusion coefficient for γ-TiAl [20]

indicating that this mechanism plays an important role in creep of these types of alloy. The
relationship of the θ-coefficients with respect to stress and temperature for Ti-45Al-2Mn-2Nb
can be seen in Figure 5.

An alternative approach to the θ-projection method is a true stress model proposed by Wu
et al. [19]. This method relates total strain, ε to time, t, by

ε ¼ ε0 þ εp 1� exp � t
ttr

� �� �
þ 1
M0 exp M0ktð Þ � 1
� �

(14)

where ε0 is the instantaneous strain, εp represents the magnitude of primary creep and ttr is the
transient time. M0 and k are related to the calculated rates of dislocation glide, climb and grain
boundary sliding. This equation has a similar form to Eq. (7) where θ1 ¼ εp, θ2 ¼ 1=ttr,
θ3 ¼ 1=M0 and θ4 ¼ M0k. M0 and k are related to calculated rates of dislocation glide, climb
and grain boundary sliding obtained from experimental creep curves.

2.2. Hardening methods

Various methods to predict creep curves and hence creep rates during uniaxial creep have been
proposed, however, to predict creep behaviour in engineering components using FEA, a
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suitable hardening model is required. During uniaxial constant stress creep, creep rate, _εc, is
dependent on applied stress, temperature and the time and/or strain for which the conditions
have been applied.

_εc ¼ f σ;T; tð Þ (15)

However, in real engineering situations, the stress and/or temperature may change, resulting
in the calculation of a different creep curve. Therefore, creep behaviour is now dependent on
the position on the creep curve at new applied conditions and therefore more information is
required to calculate creep rate. The simplest case is to consider that the new creep rate relates
to the current creep time on the new curve (time-based hardening). This method, although
easy to implement, fails to accurately account for strain rate changes for all but minor changes
in applied conditions. For large changes in creep conditions, the shape of the creep curve
changes significantly resulting in poor predictions. An alternative method is to relate creep
rate to the applied conditions and creep strain history (strain-based creep hardening). For this
case, the strain rate is calculated at the point on a creep curve which relates to the current total
creep strain. This method, although more accurate that time-based hardening, produces inaccu-
racies when creep conditions change from primary creep dominated to tertiary creep dominated.

Figure 5. The stress and temperature dependence of: (a) θ1; (b) θ2; (c) θ3 and (d) θ4 for the titanium aluminide alloy Ti-
45Al-2Mn-2Nb [20].
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To address the shortcomings of these methods, a life-fraction hardening method is often used.
This method uses an effective time based on t=tF where tF is the creep rupture life for the applied
stress and temperature. A graphical representation of these hardening methods is given in
Figure 6.

An alternative method of creep hardening is to base creep rate on the applied conditions and
various material state variables

_ε ¼ Φ σ;T; ξ1; ξ2;…; ξα;…; ξnð Þ (16)

Where ξα (α = 1, n) are internal material state variables, each dependent on the loading history
of the material. Evans [17], proposed that creep rate is dependent internal state variables
representing dislocation hardening (H), recovery (R) and damage (W):

_ε ¼ _ε0 1þH þ RþWð Þ (17)

where _ε0 is the initial effective creep rate of the virgin material. Each of these state variables
represents the many mechanisms which control creep rate. These variables are related to both

the strain and time history by the proportionality constants bH , bR andcW , such that:

_H ¼ �bH _ε (18)

_R ¼ bR (19)

_W ¼cW _ε (20)

The initial effective creep rate and proportionality constants can be related to applied condition
using the θ coefficients from Eq. (7),

Figure 6. Schematic representation of time, strain and life-fraction hardening.
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_ε0 ¼ θ1θ2 þ θ3θ4 (21)

bH ¼ θ2

θ1θ2 þ θ3θ4
(22)

bR ¼ θ2θ3θ4

θ1θ2 þ θ3θ4
(23)

cW ¼ 1
θ3

(24)

If damage is assumed to be purely a tertiary process, the effective creep rate, _ε, can be
calculated from Eqs. (21)–(24) using [17]:

_ε ¼ _ε0
1þH þ Rþ bR

bH _ε0
W

 !
(25)

For virgin material, H, R and W are equal to zero, however as creep continues their values are
updated for each time increment, ∂t, using [17]:

Hiþ1 ¼ Hi � bH _ε0 1þHi þ Rið Þ∂t (26)

Riþ1 ¼ Ri þ bR∂t (27)

Wiþ1 ¼ Wi þ
cW bR
bH 1þWið Þ∂t (28)

Transient uniaxial creep tests have been used to test the ability of different hardening methods
to predict creep at non-constant stress and temperature for the nickel based superalloy,
Waspaloy [8]. These creep tests applied temperature and stress which changed between two
sets of conditions, one at high stress and low temperature, the other at low stress and high
temperature, with both sets of conditions predicted to give similar lives approximately 10 days.
The applied conditions were changed every 24 hours with a 1 hour transition period to allow
sufficient time for the temperature to change, during which the stress was held at the lower
level of the two conditions. Figure 7 shows the creep rates observed from a transient creep test
in which the temperature was changed from 600 to 750�Cwith applied stresses of 880 MPa and
390 MPa respectively, along with the test data for the equivalent isothermal constant stress
creep tests. Immediately after each applied condition change, it can be seen that the creep rates
are initially high before decreasing in what appears to be regions of ‘pseudo’ primary creep. In
general, the creep rates observed during transient creep are higher than those observed for
isothermal constant stress creep. The creep rates for the test at 600�C with an applied load of
880 MPa display a large proportion of primary creep, shown by the initially high creep rate
followed by a gradual decrease, whereas the test at 750�C and 390 MPa is dominated by
tertiary creep, with a minimum creep rate achieved after only 10% of life.

Eq. (8) was used to numerically describe the isothermal constant stress creep data to allow
different hardening methods to be evaluated against transient creep rates (Figure 8). Time
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hardening strain hardening and the hardening method based on internal state variables all
predict the first cycle well, however for subsequent cycles the predictions using time and strain
based hardening fail to predict the overall trend in creep rate, as well as the local peaks in rate

Figure 7. Creep rates obtained from transient and isothermal constant stress creep tests for Waspaloy at 600�C/880 MPa
and 750�C/390 MPa [8].

Figure 8. Creep transient creep behaviour for Waspaloy with predicted creep rates using time-hardening, strain harden-
ing and a hardening model based on internal state variables.
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after each load change. In this case, since the predicted rupture lives at each set of conditions
is similar, life-fraction hardening would display a similar trend to time-based hardening.
The creep rates predicted for a hardening method based on internal state variables describes
the trend in rate more accurately but also fails to predict the ‘pseudo’ primary creep at the
beginning of each cycle.

At both sets of creep conditions, creep occurs by diffusion controlled movement of disloca-
tions, however, the dominant mechanism by which this occurs is varies between the high-
stress/low-temperature and low-stress/high-temperature cases. At the high stress condition,
the stress exceeds the yield point resulting in the formation of new dislocations. This leads to
higher dislocations in the material at high stress than in the low stress material which only
contains dislocations present after forming. Furthermore, at the higher temperature state, more
thermal energy is available for diffusion controlled creep mechanisms such as climb. Whereas
at low temperatures but higher stresses, precipitation cutting becomes more dominant. There-
fore, when changing between two sets of creep conditions, the creep rate is dependent on the
loading history of the material.

3. Creep damage and rupture

For simple uniaxial models failure can be creep rupture times may be predicted using simple
equations such as those proposed to Norton [1], Larson andMiller [2]. However, for cases where
the stress and temperature evolve over time a different approach is required. Creep damage
models allow the accumulation of damage to be predicted regardless of applied conditions.
Kachanov [21] proposed that the increase in creep rate during tertiary creep could be related to
an increase in stress caused by a decrease effective cross sectional area due to the nucleation and
growth of grain boundary cavities and triple point cracking. Later, Rabotnov [22] extended this
idea by introducing a continuum damage parameter, ω, to represent this decrease in effective
cross section. Leckie and Hayhurst [23] generalised this approach and Othman and Hayhurst
[24] extended it to include the effects of primary creep. The constitutive model based on the
θ-projection method includes internal state variables for dislocation hardening, H, recovery,
R, and creep damage,W. Of particular interest to the case of creep rupture isWwhich represents
the sum of all damage processes that occur during tertiary creep. W is zero for virgin material
and increases as creep continues. Failure is predicted when this parameter exceeds a critical
value,WF. The value ofWF can be obtained from experimentally obtained creep tests using

WF ¼ 1
θ3

εF � θ1 1� e�θ2tF
� �� �

(29)

where εF is the creep strain at failure and θ1�3 are obtain using Eq. (8).WF must then be related
to applied creep conditions. For the γ-TiAl alloy, Ti-45Al-2Mn-2Nb, the following expression
was found to represent the stress rupture data well

WF ¼ cþ ln
σ
σTS

� �
K (30)
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where σTS is the temperature dependent ultimate tensile strength and c and K are derived from
experimental data by plotting WF against ln σ=σTSð Þ. A plot of critical damage against applied
stress is given in Figure 9. Since this data is derived from uniaxial test data, the applied stress,
σ, may represent the von-Mises stress, σ, or the maximum principle stress, σ1.

Where multiaxial creep data is available, the dependence ofW andWF on σ1 can be evaluated.
For Waspaloy, WF, can be related to applied stress using:

WF ¼ 237:3 exp �5:828
σ1
σTS

� �� �
(31)

where σTS is the temperature dependent tensile strength [17]. For other alloys such as the
titanium alloy Ti6246, less dependence on loading direction was found and WF can be related
to σ [10].

4. Finite element analysis

Once suitable methods to interpolate creep curves for any given condition and suitable hard-
ening models have been derived, it is possible to compile models for use in finite element
analyses (FEA). The constitutive model based on the θ-project method [17] and the Wilshire
creep curve method [13] have both been incorporated into FEA as user defined subroutines for
the commercially available software Abaqus [10]. In order to evaluate creep deformation and
damage, the user must define the magnitude of creep strain accumulated at each time step,
based on stress, temperature and any user defined state variables. Furthermore, if implicit
integration is used, the derivative of the creep strain increment with respect to stress must also

Figure 9. The dependence of WF on applied creep conditions for Ti-45Al-2Mn-2Nb.
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σ1
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� �� �
(31)

where σTS is the temperature dependent tensile strength [17]. For other alloys such as the
titanium alloy Ti6246, less dependence on loading direction was found and WF can be related
to σ [10].

4. Finite element analysis

Once suitable methods to interpolate creep curves for any given condition and suitable hard-
ening models have been derived, it is possible to compile models for use in finite element
analyses (FEA). The constitutive model based on the θ-project method [17] and the Wilshire
creep curve method [13] have both been incorporated into FEA as user defined subroutines for
the commercially available software Abaqus [10]. In order to evaluate creep deformation and
damage, the user must define the magnitude of creep strain accumulated at each time step,
based on stress, temperature and any user defined state variables. Furthermore, if implicit
integration is used, the derivative of the creep strain increment with respect to stress must also

Figure 9. The dependence of WF on applied creep conditions for Ti-45Al-2Mn-2Nb.
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be defined. User defined state variables such as those used to represent internal material
damage (W) must also be evaluated. These models have been used to predict creep behaviour
in various engineering applications [10, 25].

4.1. Stress relaxation

An application to consider is stress relaxation due to creep. This can be predicted using a
simple single element finite element model with a prescribed displacement boundary condi-
tion. Figure 10 shows a good correlation of the predicted and experimentally obtained results
of a two stage stress relaxation experiment in the nickel based superalloy Alloy720Li using a
model based on the strain hardening formulation of the Wilshire creep curve extrapolation
method.

4.2. Notched bars

The value of FEA comes from its ability to predict mechanical behaviour in engineering
components with complex geometries. Components such as those found in gas turbine
aeroengines operate at high temperatures for extended periods of time and any geometric
feature of the component that concentrates stress will exhibit higher creep rates than surround-
ing regions resulting in a redistribution of stress. Accurate predictions of this stress redistribu-
tion are particularly important for cases where component lives are influenced by fatigue as
the stress field affects subsequent fatigue calculations. Furthermore, creep failure can initiate in
subsurface locations due to a combination of stress redistribution and subsurface damage [10].

Figure 10. Uniaxial stress relaxation in Alloy720Li at 650�C with prediction using the Wilshire creep curve extrapolation
method (Eqs. (5) and (6)) with strain-based hardening.
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Predictions of stress redistribution in a Waspaloy round circumferentially notched bar after
1000 s of creep deformation using the θ-projection method can be seen in Figure 11.

The constitutive model based on the θ-projection technique contains material state variables
for dislocation hardening, H, recovery, R, and damage, W. The latter allows for predictions of
material failure asW exceeds a critical valueWF. In this model, material failure is simulated by
reducing element stiffness when W=WF > 1. In Abaqus, this is achieved by using a field
variable dependent elastic modulus which decreases by an order of magnitude as the failure
criteria is exceeded. Using this method, predictions of creep rupture can be made for cases
when the stress and/or temperature is not constant. Predictions of the rupture times of both
round and v-shaped circumferentially notched Waspaloy creep specimens correlate well with
experimental data and predicted fracture paths are consistent with those observed experimen-
tally [17]. Due to the dependence of WF on stress triaxiality, different paths of failure are
observed for different shaped notched with more diffuse damage occurring with lower stress
intensities (KT). Predicted creep rupture paths in round and v-shaped circumferentially
notched Waspaloy specimens are shown in Figure 12.

4.3. Small punch creep

The small punch creep test is often used to characterise the mechanical properties of materials
where only small quantities exist, such as during novel alloy development or for remnant life
assessment [25–27]. The test consists of applying load to the centre of a small disc of material,
typically 0.5 mm thick with a diameter of 9.5 mm, using a hemispherical punch. Punch load
and displacement are then related to uniaxial stress and strain using conversion factor, kSP.
During small punch creep, the stress state evolves as punch displacement increases and
therefore finite element analyses can provide useful information about the accumulation of
creep strain and damage. Furthermore, by comparing the fracture path to the predicted stress,
a greater understanding of the role of the stress state on creep rupture can be obtained.

Figure 11. Stress distribution in a Waspaloy round circumferentially notched bar at (a) 0 s and (b) 1000 s at 650�C with an
applied stress equating to 800 MPa across the specimen neck.
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Predictions of the small punch creep behaviour of Ti-45Al-2Mn-2Nb have been made using the
constitutive model based on the θ-projection method (Figure 13).

4.4. High-temperature fatigue

The effects of creep in engineering components that are exposed to cyclic loading at high
temperatures cannot be ignored. A fatigue crack propagating through material exhibiting
creep damage will advance more rapidly as creep cavities and microvoids provide a preferen-
tial path for growth. In this case fatigue lives are negatively affected by creep damage and
cracks propagate along grain boundaries (intergranular). However, redistribution of stress due
to creep can reduce stress at stress concentration features such as cracks and notches, reducing
the driving force for crack propagation, hence increasing fatigue lives. This has been clearly
shown in the titanium alloy Ti-6Al-4V whereby increasing the temperature from 450 to 500�C
increases the fatigue lives of notched specimens, whereas a further increase to 550�C has a
negative effect on life [28]. Therefore, during high temperature fatigue, component life is a
dependent on time-dependent (creep) and time-independent (fatigue) damage mechanisms.
FEA can be used to predict stress relaxation around notches and cracks, as well as to evaluate
damage ahead of an advancing crack. Using a quasi-static model, the accumulation of creep
deformation and damage ahead of an advancing fatigue crack in the titanium alloy, Ti-6246
has been predicted (Figure 14) [10].

Figure 13. Predicted damage in a TiAl small punch test with damage based on (a) von-Mises stress and (b) maximum
principle stress [25].

Figure 12. Predicted damage in a Waspaloy (a) round notched (KT = 1.4) and (b) v-shaped notched (KT = 2.234) test
specimens.
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5. Conclusions

Although simple single point prediction methods can be useful for certain applications,
accurate predictions of the mechanical response of some engineering components that
operate at elevated temperatures require creep models that predict the full shape of
the creep curve. These models, implemented in FEA have been used to predict creep
behaviour in cases where stress and/or temperature are not constant, such as during
stress relaxation. Furthermore, attempts have been made to relate model parameters to
observed micromechanical behaviour. Creep damage models have been used to provide
useful predictions of creep life which can be used to evaluate time dependent damage
during other load cases, such as during high temperature fatigue and thermo-mechanical
fatigue.
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Abstract

Analysis of creep properties has traditionally been made with empirical methods involv-
ing a number of adjustable parameters. This makes it quite difficult to make predictions
outside the range of the original data. In recent years, the author has formulated basic
models for prediction of creep properties, covering dislocation, particle and solid solution
hardening. These models do not use adjustable parameters. In the present chapter, these
models are further developed and utilised. The dislocation mobilities play an important
role. The high-temperature climb mobility is extended to low temperatures by taking
vacancies generated by plastic deformation into account. This new expression verifies the
validity of the combined climb and glide mobility that has been used so far. By assuming
that the glide rate is controlled by the climb of the jogs, a dislocation glide mobility is
formulated. The role of the mobilities is analysed, and various creep properties are
derived. For example, secondary creep rates and strain versus time curves are computed
and show good agreement with experimental data.

Keywords: creep, dislocation, mobility, model, creep strain

1. Introduction

If metals are exposed to load at high temperatures, a slow deformation called creep takes place.
A characteristic feature of creep is that it occurs even when the load is kept constant. This should
be contrasted to plastic deformation at ambient temperatures where an increase in the load is
needed to generate further plastic strain. Creep in metals has been studied for many decades,
and a number of excellent textbooks exist on the subject, see for example [1–4]. A common way
of measuring the creep deformation is to apply a fixed load to a specimen and then record its
elongation as a function of time. The relative increase in the elongation is referred to as the
(creep) strain. Its time derivative is called the creep strain rate. Another important quantity is
the stress, i.e. the load divided by the specimen cross section. After sufficient test time, the
specimen ruptures. The rupture time and the specimen elongation at rupture are recorded.
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A creep test typically shows three stages: primary, secondary and tertiary. During the primary
stage, the creep rate is initially high but shows a gradual decrease until it reaches a constant
value, which corresponds to the secondary stage. This stage usually takes the longest time.
Finally, the creep rate starts to increase. This is the tertiary stage that eventually leads to
rupture. The dependence of the creep strain as a function of time is referred to as a creep
(strain) curve. Although the described shape of the creep curve is the most common one, there
are many variants.

Creep-exposed materials can be found in many types of high-temperature plants, for example,
fossil-fired power plants. The desire is to make the materials as strong as possible, and the
creep rate low to ensure a long lifetime. The deformation rate is controlled by the movement of
the dislocations, i.e. the line defects that are present in large numbers. If the movement of the
dislocations is fast, the creep strength is low. To increase the creep strength, the movement of
the dislocations must be reduced. Typically, the most efficient way to hinder this movement is
to have a high content of other (forest) dislocations. There is a strong interaction between
different dislocations. The second most used way of increasing the strength is to introduce
particles in the microstructure. Particles or precipitates are a very potent way of raising the
strength. A third way is to have elements in solid solution. The difference in size between the
solute and the matrix atoms makes it more difficult for the dislocations to move.

Most creep investigations concern metals above half the melting point. The stress dependence
of the strain rate in the secondary stage has always generated much interest in creep research
because it has been assumed to reflect the operating dislocation mechanism. In Figure 1, such
dependence is illustrated for 0.5Cr0.5Mo0.25V steel at 565�C over a wide range of stresses.
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Figure 1. Creep rate versus stress for 0.5Cr0.5Mo0.25V steel at 565�C. The n values indicate the exponent in the power-
law creep law. At large stresses, the creep rate increases exponentially with the stress. This is referred to as power-law
breakdown. Some of the data points are extrapolated. (After Wilshire [5].).
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The slope of the curve is the creep exponent n. At intermediate stresses (and temperatures), the
creep exponent is typically in the range 3–8. In the figure, it is 4. At high stresses (and at low
temperatures), the creep exponent is much higher, in the figure illustrated with n = 12. At still
higher stresses, the creep rate varies exponentially with stress, which is called power-law
breakdown. At very low stresses, the n value is small, sometimes approaching unity.
0.5Cr0.5Mo0.25V steel is clearly a particle-strengthened material. Other particle-strengthened
alloys can show much higher creep exponents than in Figure 1.

In the past, the creep exponent has often been used to identify the operating dislocation
mechanisms. For intermediate exponents (3–8), climb of dislocations is in general considered
as the operating mechanisms although glide has also been assumed for certain alloy types.
This will be discussed below. At high stresses, glide has been suggested as the dominating
mechanism. At low creep exponents approaching unity, diffusion creep has been assumed as
the main mechanism. The consistent change of operating mechanism with stress has been
challenged, see for example [5].

In recent years, basic creep models have been formulated. With the help of these models, the
assumptions mentioned above will be reanalysed in the present chapter.

2. Dislocation model

To understand the creep process, the key quantity is the dislocation density and its variation
with time. Models for the dislocation density development during creep have been available
for a long time [6]. Recently, these models have been expanded and derived more precisely. We
will use the following formulation [7]:

dρ
dε

¼ m
bcL

ρ1=2 � ωρ� 2τLMρ2= _ε (1)

where ρ is the dislocation density, ε the strain, m the Taylor factor, b the Burgers vector, τL the
dislocation line tension, M the dislocation mobility and _ε the strain rate. The value of the
dislocation mobility M will be discussed below. The dynamic recovery parameter ω for pure
metals and the work-hardening constant cL are given by the following expressions [8, 9]:

ω ¼ m
b
dint 2� 1

nslip

� �
(2)

cL ¼ m2αG
ω Rm � σy
� � (3)

where dint is the interaction distance between dislocations where dislocations of opposite sign
get close enough to annihilate each other and thereby reduce the dislocation content. This
distance is taken as the core diameter of the dislocations. nslip is the number of active slip
systems, which is 12 for fcc alloys. α is a constant in the Taylor equation, G is the shear modulus
and Rm and σy are the true tensile strength and yield strength at ambient temperatures.
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According to Eqs. (2) and (3), ω and cL are temperature-independent constants. This is also in
close agreement with experiments [7, 9]. In some papers, ω has been found to be temperature
dependent [10, 11]. However, in these cases the final term in Eq. (1), the static recovery term,
has not been considered, which should cover at least part of the temperature dependence.
Eq. (1) can be considered as a basic equation for the development of the dislocation density.
A detailed derivation of Eq. (1) can be found in [8].

Eq. (1) describes the development of the dislocation density with strain. The first term on the
right-hand side is responsible for the generation of dislocations, i.e. work hardening. The two
other terms take into account the annihilation of dislocations. The second term gives a strain-
controlled recovery, which is called dynamic recovery. The final term is referred to as static
recovery. It is time controlled since the strain rate appears in the denominator. The terminology
of recovery is not consistent in the literature, which one has to be aware of.

3. Dislocation mobilities

3.1. Climb mobility

The dislocation mobility M in Eq. (1) is an important quantity. It describes the speed v of the
dislocations:

v ¼ Mbσ (4)

where σ is the applied stress. Dislocations can propagate by glide along their slip system or
by climb perpendicular to the slip system. The latter process requires emission or absorption
of atoms by diffusion, and it is slower than glide. The climb mobility at high temperatures
(>0.4 Tm where Tm is the melting temperature) was derived by Hirth and Lothe [12]:

Mclimb ¼ Ds0b
kBT

e
σb3
kBTe�

Q
RGT (5)

where T is the absolute temperature, σ the applied stress, Ds0 the pre-exponential coefficient
for self-diffusion, Q the activation energy for self-diffusion, kB Boltzmann’s constant and RG the
gas constant.

At lower temperatures, the climb rate is influenced by the generation of vacancies due to
plastic deformation. A brief derivation of this effect will be given here since it cannot be found
in the literature. When a climbing dislocation is forced to move, it will emit or absorb vacan-
cies. When gliding dislocations cut each other, jogs in the form of steps of the length of a
Burgers vector are formed on them. The jogs are often sessile and must then climb when they
move and hence emit or absorb vacancies.

Mecking and Estrin [13] have estimated the number of vacancies produced mechanically in a
unit volume per unit time as:
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According to Eqs. (2) and (3), ω and cL are temperature-independent constants. This is also in
close agreement with experiments [7, 9]. In some papers, ω has been found to be temperature
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3. Dislocation mobilities

3.1. Climb mobility

The dislocation mobility M in Eq. (1) is an important quantity. It describes the speed v of the
dislocations:
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where σ is the applied stress. Dislocations can propagate by glide along their slip system or
by climb perpendicular to the slip system. The latter process requires emission or absorption
of atoms by diffusion, and it is slower than glide. The climb mobility at high temperatures
(>0.4 Tm where Tm is the melting temperature) was derived by Hirth and Lothe [12]:

Mclimb ¼ Ds0b
kBT

e
σb3
kBTe�

Q
RGT (5)

where T is the absolute temperature, σ the applied stress, Ds0 the pre-exponential coefficient
for self-diffusion, Q the activation energy for self-diffusion, kB Boltzmann’s constant and RG the
gas constant.

At lower temperatures, the climb rate is influenced by the generation of vacancies due to
plastic deformation. A brief derivation of this effect will be given here since it cannot be found
in the literature. When a climbing dislocation is forced to move, it will emit or absorb vacan-
cies. When gliding dislocations cut each other, jogs in the form of steps of the length of a
Burgers vector are formed on them. The jogs are often sessile and must then climb when they
move and hence emit or absorb vacancies.

Mecking and Estrin [13] have estimated the number of vacancies produced mechanically in a
unit volume per unit time as:
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P ¼ 0:5
σ _ε

Gb3
(6)

The quantities in this equation have been defined above. In [13] the constant in Eq. (6) was
estimated to 0.1. A detailed derivation shows that it is 0.5. The annihilation rate A for the
excess vacancies was found to be

A ¼ Dvac

λ2 c� c0ð Þ (7)

where c0 is the equilibrium vacancy concentration and Δc = c � c0 is the excess concentration.
Dvac is the diffusion constant for the vacancies. λ is the spacing between vacancy sinks.
Assuming the presence of a substructure, λ can be related to the cell or subgrain size dsub [13],
which in turn can be found from the applied stress:

λ ¼ dsub ¼ KsubGb
σ

(8)

where Ksub is a constant that typically takes values from 10 to 20. From Eqs. (6)–(8), we find the
following expression for the excess vacancy concentration:

Δc
c0

¼ 0:5

ffiffiffi
2

p
K2
sub _εb

2

Dself

G
σ

(9)

In deriving Eq. (9), we have also made use of a relation for the self-diffusion coefficient:

Dself ¼ c0ΩDvac (10)

whereΩ is the atomic volume. It is now assumed that the climb rate is proportional to the total
vacancy concentration. This is the same assumption as was made in [13]. The increase in the
climb rate gclimb due to the presence of excess vacancy concentration from Eq. (10) is then

gclimb ¼ 1þ Δc
c0

(11)

To find the total climb mobility, the expression in Eq. (5) should be multiplied by gclimb:

Mclimb enh ¼ Mclimbgclimb (12)

3.2. The glide mobility

In a dislocation-free crystal, the glide mobility is very high. Edington measured a mobility
of M0 = 1 � 104 1/Pa/s for a copper single crystal [14]. In an alloy where a forest of
dislocations is present, the mobility is much lower. During deformation as described
above, jogs will be formed on the dislocation. Many times the jogs have to move perpen-
dicular to their glide planes. This means that they are sessile, i.e. they have to move by
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climb [12], which is a slow process. It is natural to assume that it is the motion the jogs
that controls the glide rate and that is what we will do. This is also what Hirth and Lothe
have assumed [12].

The basis for the glide mobility is Eq. (12), since the jogs move by climb. However, there is an
additional factor. Only a small fraction of each dislocation consists of jogs. Since the jogs move
slowly, the forces on the dislocations are concentrated to the jogs. The average distance
between jogs can be determined from the dislocation density ρ as ljog ¼ 1= ffiffiffi

ρ
p . The force F on

a dislocation is given by the Peach-Koehler formula F = b σ l where l is the length of the
dislocation. If l is chosen as ljog, F will be the force on each jog. Consequently, the stress on the
jogs is increased by

gglide ¼
ljog
b

¼ 1
b ffiffiffi

ρ
p (13)

where the length of a jog is taken as the length of the Burgers vector. With the help of Taylor’s
equation,

σ ¼ σy þ αmGb
ffiffiffi
ρ

p
(14)

where σy being the yield strength, Eq. (13) can be rewritten as

gglide ¼
αmG
σ� σy

(15)

The glide mobility is obtained by multiplying the climb mobility by gglide:

Mglide ¼ Mclimbgclimbgglide (16)

Eq. (16) applies to both edge and screw dislocations. With the assumptions considered, the
climb and glide mobility are closely related. gglide is roughly equal to the ratio between the
shear modulus G and the applied stress σ. Since G is much larger than σ, gglide is always
significantly larger than unity. Thus, the glide mobility is larger than the climb mobility, which
is a common assumption when modelling creep.

3.3. Cross slip mobility

Screw dislocations can change glide plane with the help of cross slip. This can simplify the
annihilation of dislocations with opposite signs and thereby contribute to the recovery.
Cross slip requires an additional activation energy Ecs. Püschl gave the following estimate
of Ecs [15]:

Ecs ¼ 0:012Gb3
dSFE
b

ln
2dSFE
b

� �
(17)

where dSFE is the width of a stacking fault [12]:
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dSFE ¼ Gb2

8πγSFE

2� νPð Þ
1� νPð Þ (18)

where νP is Poisson’s ratio and γSFE is the stacking-fault energy. With stacking-fault energies of
45 mJ/m2 for copper and 166 mJ/m2 for aluminium [16], the resulting values for Ecs become 560
and 40 kJ/mol, respectively. Thus, a pronounced temperature dependence is obtained. Eq. (17)
is based on elasticity theory models. However, recently ab initio calculations have been
performed providing similar results to those of Eq. (17) [17, 18]. Now, the influence of cross
slip on the mobility can be introduced:

gcross-slip ¼ exp � Ecs

RGT

� �
(19)

Mcross-slip ¼ Mclimbgclimbgglidegcross-slip (20)

The consequences of the strong temperature dependence in the model for cross slip mobility
will be discussed later in Section 6.

3.4. The climb-glide mobility

The results in Sections 3.1–3.3 are new. It has been recognised that the climb mobility in Eq. (5)
predicted far too low creep rates at low temperatures and high stresses. It was thought that
glide could be the controlling mechanism during these conditions. For this purpose, a com-
bined climb and glide mobility was introduced [19]:

Mclglide ¼ Mclimbfclglide (21)

where fclglide is given by

fclglide ¼ exp
Q

RGT
σ

Rmax

� �2
 !

(22)

where Rmax is the true tensile strength at ambient temperatures. Eq. (22) has several important
consequences at low temperatures. First, it reduces the activation energy for creep. Second, it
increases the creep rate by a large factor. Third, it raises the value of the creep exponent
dramatically. These results are in excellent agreement with experiments [9, 20]. Examples will
be given below in Sections 4 and 5.

The derivation of Eq. (21) was inspired by the work of Kocks et al. [21]. They gave an empirical
expression for the glide mobility. Unfortunately, it involved five unknown parameters and was
therefore of little use directly. However, some of the parameters could be fixed by following a
procedure due to Nes where an integrated climb and glide mobility was formulated [22]. The
remaining parameters could be set with the help of work by Chandler [23].

Ideally, to describe creep, the fundamental models for the mobilities derived in Sections 3.1–3.3
should be used. However, they are difficult to use directly since gclimb involves the strain rate.
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Instead, the equations in Sections 3.1–3.3 will be used to verify Eq. (22), which can then be
applied to derive the creep rate. Direct comparison between gclimb and fclglide is shown in
Figures 2 and 3 for aluminium.

0 50 100 150 200 250 300 350
Temperature, ºC

101

102

103

104

105

106

107

108

109

C
lim

b 
en

ha
nc

em
en

t f
ac

to
r

Al
vac. enh. 1e-12 1/s
fclgl 1e-12 1/s
vac. enh. 1e-10 1/s
fclgl 1e-10 1/s
vac. enh. 1e-08 1/s
fclgl 1e-08 1/s
vac. enh. 1e-06 1/s
fclgl 1e-06 1/s
vac. enh. 0.0001 1/s
fclgl 0.0001 1/s

Figure 2. Climb enhancement factor versus temperature at five strain rates for aluminium. Eq. (11), for the increase in
vacancy concentration due to plastic deformation, is compared with Eq. (22) for the climb-glide enhancement.
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Figure 3. Climb enhancement factor versus stress at six temperatures for aluminium. Eq. (11) is compared with Eq. (22).
The values of stresses and strain rates are taken from experimental creep data [24].
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In Figure 2, a continuous set of parameters for temperature and strain rate are used, whereas
in Figure 3 experimental values are applied. It can be seen that the enhancement in vacancy
concentration due to plastic deformation can fully explain the increase in creep rate in relation
to the high-temperature climb mobility.

A second example of the comparison is given in Figure 4 for copper.

Again the agreement between the two sets of models is quite good. The temperature, stress
and strain rate dependences are well covered in Figures 2–4.

4. Secondary creep

4.1. Pure elements

Our understanding of the creep process is largely based on the creep recovery theory [6]. The
key feature of this theory is that the recovery rate is sufficiently rapid that the dislocation
density can be kept constant during secondary creep. If the dislocation density is continuously
rising, the creep deformation will slow down and eventually stop, which is contrary to obser-
vations. Thus, there is a balance between the generation and the annihilation of dislocations
during creep. If we assume stationary conditions, the strain derivative in Eq. (1) vanishes. The
resulting expression for secondary strain rate is

_εsec ¼ 2τLMρ3=2=
m
bcL

� ωρ1=2
� �

(23)
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Figure 4. Climb enhancement factor versus stress at six temperatures for Cu-OFP. Eq. (11) for the increase in vacancy
concentration due to plastic deformation is compared with Eq. (22) for the climb-glide enhancement.
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Using Taylor’s Eq. (14), Eq. (23) can be expressed in terms of stresses:

_εsec ¼ h σ� σið Þ with h σð Þ ¼ 2τLM T; σð Þ σ3

αmGbð Þ3 =
m
bcL

� ω
σ

αmGb

� �
(24)

σdisl ¼ αmGbρ1=2 ¼ σ� σi (25)

where σdisl is the dislocation stress. σi is an internal stress that can have contributions from the
yield strength, solid solution hardening and particle hardening. At low stresses, the mobility
M is given by Eq. (5) that is independent of stress. If no internal stress is present, Eq. (24) gives
an approximate power-law expression with a stress exponent of 3. Such a stress exponent is
often observed at high temperatures for austenitic stainless steels [25].

With our present knowledge, the natural assumption is that static recovery is controlled by
climb. This is analysed in Section 6. This means that it is the climb mobility in Eq. (12) that
should be used in Eq. (24). In addition, we saw in Section 3.4 that the expression for the
enhancement factor for the climb mobility gclimb due to the raised vacancy concentration in
Eq. (11) agreed with the climb-glide enhancement factor fclglide in Eq. (22). Since the implication
of fclglide is known to successfully have described experimental data, this gives further support
to the use of Eq. (12).

Eq. (24) will now be applied to pure aluminium. For σi, the Peierls stress will be used.
Although a Peierls stress is not usually considered to be of importance for fcc alloys, recent
studies suggest that this conclusion is not true for Al. With ab initio methods, Shin and Carter
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Figure 5. Secondary creep rate versus stress for pure aluminium. Eq. (24) is compared to experimental data from [27].
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found the following value for the Peierls stress of edge dislocation σpe [26]. The value for screw
dislocations was much smaller:

σpe ¼ 4:9� 10�5G (26)

The application of Eq. (24) is illustrated in Figure 5.

At intermediate stresses in Figure 5, the slope of the curves is about 4.5, which is the value of
the stress exponent. At higher stresses, the slope increases that is referred to as power-law
breakdown. At low stresses, there is also an increase of the stress exponent. This is due to the
presence of the internal stress in Eq. (26). It can be seen that the model in Eq. (24) can handle
these three regions of the creep rate versus stress curves quite well.

4.2. Solid solution

The presence of elements in solid solution has two effects on the secondary creep rate. It gives
rice to a drag stress or a break stress, and it increases the activation energy for creep. The
increase in the activation energy is Umax

j , which is the maximum interaction energy between a

dislocation and a solute j [28]:

Umax
j ¼ β

b
¼ 1

π
1þ νPð Þ
1� νPð ÞGΩ0εj (27)

where Ω0 is the atomic volume and εj the linear lattice misfit of solute j. The additional
contribution to the activation energy is taken into account by multiplying the dislocation
mobility by the factor fQ:

fQ ¼ e�Umax
j =RT (28)

For slowly diffusing solutes, the contribution to the internal stress, cf. Eq. (24), is the drag stress
[28]:

σdragj ¼ vcj0β2

bDjkBT
I z0ð Þ (29)

where v is the dislocation speed, cf. Eq. (4), cj0 is the concentration of solute j and Dj the
diffusion constant for solute j. I(z0) is an integral of z0 = b/r0kBTwhere r0 is the dislocation core
radius. I(z0) often takes values of around 3.

The use of Eq. (29) is illustrated for Al-Mg alloys in Figure 6. The drag stress is added to the
internal stress in Eq. (24). The factor in Eq. (28) is also taken into account which raises the
activation energy for creep by the amount Umax

j , where j refers to Mg.

In the same way as for pure aluminium, there are three stages of stress dependence. In the
middle range of stresses, power-law behaviour is obeyed. At low stresses, there is a slight
increase in the creep exponent due to the presence of the Peierls stress that is the same as for
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pure aluminium. At high stresses, power-law breakdown takes place with an increase in the
stress exponent.

The modelling in Figure 6 is based on the climb mobility, so climb is assumed to be the
controllingmechanism over the full-stress range. In the literature, it has frequently been assumed
that glide is controlling in the middle stress range, see for example [31]. This should be due to a
larger effect of solid solution hardening on gliding than on climbing dislocations. This is difficult
to understand, since solid solution hardening has about the same effect for both mechanisms
[32]. In addition, why there should be transitions in mechanism at low and high stresses is not
obvious. Sometimes, it is assumed that the solutes break away from the dislocations at high
stresses, but that is predicted to take place at much higher stresses than where the transition
takes place [12]. Considering glide as a controlling mechanism is not consistent with the glide
mobility in Eq. (16). If that is applied, the experimental results in Figure 6 cannot be reproduced.

For fast diffusion elements such as interstitials, the drag stress according to Eq. (29) is usually
negligibly small. Instead, the solutes are locked to the dislocations, and they have to break
away to become mobile. The size of the break stress that should be added to the internal stress
σi in Eq. (24) is given by [28, 32]
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Figure 6. Secondary creep rate versus stress for Al-Mg alloys. Eq. (24) with the stress contribution to the internal stress
from Eq. (29) and the increase in activation energy from Eq. (28) is compared to experimental data [29–31].
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σjbreak ¼
Umax

j cj0

b3

ðyR
yL

e�
Wj yð Þ
kT dy (30)

The break stress is proportional toUmax
j .Wj(y) is the interaction energy between a solute j and a

dislocation at a distance y. The integration is performed over a distance of about �20 b. The
application of Eq. (30) is illustrated for copper with 100 at. ppm phosphorus (Cu-OFP). At low
temperatures, phosphorus gives a strong improvement of the creep strength. The solute phos-
phorus has two effects. It increases the creep activation energy by Umax

j , and a break stress is

added to the internal stress in Eq. (24). The result is shown in Figure 7 for oxygen-free copper
(Cu-OF) with and without phosphorus.

From Figure 7, it is obvious that the model can describe the influence of phosphorus on
the creep rate quantitatively. No adjustable parameters are used in this figure (or in any
other figure in the chapter). For Cu-OFP the creep exponent is about 65 in Figure 7.
This demonstrates the validity of Eq. (24) also deep down in the power-law breakdown
regime.

4.3. Stress-strain relations

Handling of stress-strain curves is not the subject of this chapter. The only message is that
Eq. (1) can also be used to predict stress-strain curves. For further details, the reader is referred
to [7, 33].
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5. Creep strain curves

In the primary stage, the creep rate is in most cases larger than in the secondary stage. This is
assumed to be due to a lower dislocation density and thereby a lower dislocation stress. The
additional driving stress during primary creep becomes [34]

σprimadd ¼ σdislstat � σdisl (31)

where σdislstat is the dislocation density during stationary conditions, which is given by the
difference between the applied stress σ and the internal stress σi:

σdislstat ¼ σ� σi (32)

The total stress during primary creep is given by

σprim ¼ σþ σprimadd ¼ 2σ� σdisl � σi (33)

where Eqs. (31) and (32) have been inserted. Eq. (33) gives the stress that should be used in the
expression for the secondary creep rate (Eq. (24)) to obtain the general expression for the creep rate:

_ε σð Þ ¼ _ε sec 2σ� σdisl � σið Þ (34)

When the secondary stage is reached, σ = σi + σdisl and _ε σð Þ are equal to the secondary creep
rate, according to Eq. (24) as it should. When σdisl is smaller than its stationary value, the creep
rate is higher, which is characteristic for primary creep. The use of Eq. (34) is illustrated in
Figure 8. In Figure 8a, a creep strain versus time curve is shown for Cu-OFP. The creep rate
versus time for the same case is given in Figure 8b. In the double logarithmic diagram, a
straight line is obtained, which is in close agreement with the experimental data. This type of
relation that is referred to as the ϕ model is quite frequently observed. It has several different
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names [9]. It is most well known for 9% Cr steels, see for example [35]. It is evident that Eq. (34)
can describe primary creep quite well.

6. Creep recovery theory

At ambient temperatures, for example, in steels, a gradually decreasing creep rate is observed
at constant load until the deformation in practice stops completely. This is known as logarith-
mic creep. In constant strain rate tests, the deformation increases as long as the load is
increasing. This behaviour takes work hardening and dynamic recovery into account but not
static recovery. The derivation of the expression for the dynamic recovery constant is based on
pure glide [36]. It has been suggested many times in the literature that dynamic recovery is
controlled by cross slip, see for example [15, 37]. Qualitatively, this might seem logically. Cross
slip allows the screw dislocations to annihilate each other, leading to the partial recovery that
is characteristic for deformation processes at ambient temperatures in steels. The problem is
that the available models for cross slip that were summarised in Section 3.3 give temperature
dependencies that are orders of magnitude larger than the observed ones. Unfortunately, we
must conclude that we do not understand the role of cross slip at present. In fact, we can model
observed dynamic recovery considering just glide.

Most measured creep curves are characterised by a primary, a secondary and a tertiary stage.
Work hardening and recovery are continuously taking place. According to the creep recovery
theory, there is balance between work hardening and recovery in the secondary stage. Other-
wise, there would be either a raise or a decrease in the dislocation density, giving a reduction
or increase in the creep rate, respectively. Consequently, the dislocation density must remain
approximately unchanged in the secondary stage.

At high temperatures (T > 0.5 Tm), there is consensus that static recovery is controlled by climb
in so-called class II alloys, which include most creep-exposed alloys of technical interest. This
mechanism allows dislocations of opposite sign that attract each other to move towards each
other and finally annihilate. On the other hand, in class I alloys, glide has been assumed to be
controlling in a certain stress range with a creep exponent of 3. The most well-known type of
alloy in this class is AlMg. The assumption is problematic for several reasons. (i) The reason for
glide control is considered to be strong solid solution hardening. However, the effect of solid
solution hardening is almost equally strong for climb [28, 32]. In addition, the glide rate is
always faster than the climb rates according to Eqs. (12) and (16). (ii) At the upper end of the
stress range with a creep exponent of 3, break-away of solutes from the dislocations is assumed
to take place. The models for this effect suggest a much higher stress than the one observed.
(iii) The most problematic issue is that the static recovery must be based on glide. From
observations at ambient temperatures, it is unlikely to be possible. An alternative approach
was presented in Section 4.2 fully based on a climb model. It was demonstrated that all the
mentioned issues could be solved. In addition, a good fit to the data was found.

At or close to ambient temperatures, several metals give creep curves that have the same
general appearance as at high temperatures (T > 0.5 Tm) with primary, secondary and tertiary
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creep. For example, this is the case for Cu-OFP, see Figure 8. For a long time, it was assumed
that creep was controlled by glide and cross slip at low temperatures [19], because the esti-
mated climb rate was much too low to be of importance. However, this is not considered to be
the case anymore. When taking the enhanced vacancy concentration into account, the observed
creep rates for copper and aluminium can be fully explained by climb. This is evident from
Figure 7. In addition, it clarifies why static recovery can take place at low temperatures, which is
very difficult assuming the presence of only glide and cross slip.

7. Conclusions

• To model creep of alloys, the development of the dislocation density must be known. In
recent years, a basic model for the dislocation density has been formulated that fulfils this
requirement. Together with models for solid solution and particle hardening, the creep
behaviour of many alloys can be described without the use of adjustable parameters.

• A new expression for the dislocation climb mobility has been derived. It extends the well-
established formula of Hirth and Lothe to lower temperatures by taking the enhanced
concentration of vacancies due to plastic deformation into account. The new expression
can explain observed creep rates down to near-ambient temperatures.

• Assuming that glide of dislocations is controlled by the climb rate of their jogs, an
expression for the dislocation glide mobility is formulated. It turns out that the glide rate
is always higher than the climb rate. This suggests that climb is rate controlling in dislo-
cation creep. In the chapter, it is illustrated for AlMg alloys that this might apply to class I
alloys as well.

• It is suggested in the literature that cross slip is the controlling mechanism for dynamic
recovery. An expression for the cross slip mobility is set up based on published models for
the activation energy of cross slip. However, this expression cannot explain the observed
rate of dynamic recovery. This is still only possible by assuming glide control.

• It is demonstrated that the dislocation model can describe a range of properties without
the use of adjustable parameters. These properties include secondary creep and stress-
strain curves.
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